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ABSTRACT OF THE DISSERTATION

Enhanced liquid rocket injection enabled by additive manufacturing

by

Alex Ross Keller

Doctor of Philosophy in Aerospace Engineering

University of California, Los Angeles, 2024

R. Mitchell Spearrin, Chair

Injector design has a significant impact on liquid rocket engine performance because

it governs the atomization and mixing of propellants to produce stable combustion over a

characteristic length scale. Additive manufacturing (AM) with high-performance metal alloys

is revolutionizing combustion device design and development, particularly related to propellant

injection. AM injectors can dramatically reduce part counts and implement complex fluid

passageways that decrease injector forward pressure-drop, increase combustion stability, and

enhance propellant mixing, thereby enabling improved rocket combustor performance and

extending mission capabilities. This dissertation focuses on three subtopics of AM injector

(coaxial and impinging) design and performance: (1) hydraulics, (2) propellant mixing, and

(3) combustion instabilities. A combination of computational and experimental efforts are

utilized, which include but are not limited to injector design, fluid dynamics analysis, and

experimental hydraulics (cold-flow) and mixing/combustion studies using optical diagnostic

techniques. Compiled results demonstrate the promising potential to leverage the flexibility

of additive manufacturing to design advanced injector geometries that improve performance

and reliability of liquid rocket engines.
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CHAPTER 1

Introduction

1.1 Liquid rocket engine injectors

Liquid-bipropellant rocket engines (LREs) operate by injecting liquid (or gaseous) fuel and

oxidizer into a combustion chamber, where propellants mix and exothermically react to

convert stored chemical energy into useful thermal energy that is then exploited to generate

thrust. As illustrated in Fig. 1.1, an LRE injector functions as the interface between the

propellant feed system and the combustion chamber. The primary roles of an injector in

an LRE are to introduce propellants into the combustion chamber in the right proportions,

efficiently atomize and mix the propellants, and produce a stable combustion process within a

characteristic axial distance and volume. The injector must also ensure that the combustion

process is decoupled from the feed system and maintain combustor hardware durability

through manageable thermal loading on chamber walls [43]. Achieving these performance

characteristics can lead to complex injector designs. An injector plate assembly employed in

the Space Shuttle main engine (SSME) is pictured in Fig. 1.2 for reference.

Figure 1.1: Simplified schematic of major components in a liquid bipropellant rocket.
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Figure 1.2: Space shuttle main engine (RS-25) injector plate containing hundreds of shear
coaxial injector elements. Left: Main injector system assembly showing inlet manifolds
and baffles (from Ref. [128]). Right: Image of injector plate during manufacturing (from
NASA.gov).

The performance of a rocket injector can have an acute impact on overall vehicle per-

formance. Used to estimate the maximum achievable velocity change, ∆v, the Tsiolkovsky

rocket equation (Eqn. 1.1) provides a critical measure of overall vehicle performance in terms

of the performance of the propulsion system, as well as the initial and final mass of the

vehicle.

∆v = Ispg ∗ ln
(
mwet

mdry

)
(1.1)

Here, specific impulse, or Isp [s], is a common LRE performance parameter used to describe a

propulsion system’s efficiency of thrust production from a given mass flow rate of propellant,

and g is the acceleration due to Earth’s gravity (9.81 [m/s2]). mwet [kg] represents the initial

total mass of the vehicle, also known as "wet mass", which includes the mass of propellants.

Conversely, the final total mass of the vehicle when all propellants have been expended

is referred to as the "dry mass", or mdry [kg]. It is evident from Eqn. 1.1 that vehicle

performance is enhanced by maximizing Isp and minimizing mdry.

Advancements in injector design, specifically those that enhance mixing and expand

operating conditions, enable improved rocket combustor performance thus extending mission

capabilities. For example, effective propellant mixing promotes higher Isp, and typically
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produces a shorter flame, thereby reducing the required length and mass (mdry) of a rocket

combustion chamber. Injectors with minimal hydraulic losses generally require lighter

propellant feed system hardware, further reducing mdry which can be traded for payload

or mission duration. Injectors that discourage combustion instabilities and maintain high-

performance operation over a wide range of conditions are attractive for engines that require

deep throttling, which can be used to optimize flight trajectories and reduce aerodynamic

stresses on launch vehicles. Therefore, LRE injector design has a significant impact on

overall vehicle performance due to its influence in a multitude of different systems and

processes including thermal management and feed system operating pressures [54]. The work

covered in this dissertation focuses on how advanced injector geometries enabled by additive

manufacturing impact the following three topics of LRE operation: (1) combustion and

mixing performance, (2) injector-related combustion instabilities, and (3) injector hydraulic

performance.

1.1.1 Types of LRE injection schemes

Several types of injector designs have been used for liquid-bipropellant rocket engines, with

varying complexity and performance. The appropriate choice of injection scheme is dependent

on the specific application and propellants. Some key parameters that must be accounted

for when selecting the proper injection scheme are: propellant type (e.g., space-storable,

cryogenic, hypergolic) and their phases, mixture ratio, chamber length, chamber pressure,

chamber cooling method, throttlability, and reusability [43]. This work focuses on two of the

most commonly-used and extensively flight tested injection schemes in LREs: impinging and

coaxial – although other injection schemes (e.g., showerhead, pintle, splash plate, etc.) exist

that can be more appropriate for different applications.

A straightforward method of atomizing and mixing propellant jets is by directing two or

more separate streams into each other through impingement angles, also known as impinging
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Vehicle, Engine Fuel Oxidizer Injection scheme
Saturn V, F-1 RP-1 LOX Impinging (like-doublet)
Saturn V, J-2 LH2 LOX Coaxial (shear)
Titan I, first stage RP-1 LOX Impinging (like-doublet)
Titan II, first stage A-50 NTO Impinging (like-doublet)
Space shuttle, RS-25 RP-1 LOX Coaxial (shear)
Apollo, lunar ascent A-50 NTO Pintle
Ariane 5, Vulcain II LH2 LOX Coaxial (shear)
SpaceX Falcon 9, Merlin RP-1 LOX Pintle
SpaceX Starship, Raptor LCH4 LOX Coaxial (swirl)

Table 1.1: Popular rocket engines with their respective liquid bipropellant combinations and
injection schemes.

injector elements. Various impinging injection schemes exist (see Fig. 1.3) and are categorized

by like or unlike which refer to propellant matching for impinging jets, and through the

number of jets per element (e.g., two jets: doublet, three jets: triplet, four jets: quadlet, and

five jets: pentad). For example, a simple impinging injection scheme is the like-doublet, where

two jets of the same propellant collide to form a roughly two-dimensional spray sheet in a

plane orthogonal to centerline connecting the two propellant streams as illustrated in Fig. 1.4.

These like-doublet elements are typically situated adjacent to other like-doublet elements with

the opposite propellant such that the resulting spray sheets of fuel-fuel and oxidizer-oxidizer

can form into droplets and mix together via inter-element interaction. Historical uses of the

like-doublet impinging injection scheme are the F-1 engine on the Saturn V, and the first

stage engines of the Gemini launch vehicle and the Titan I and II.

Coaxial injectors (also known as "concentric-tube elements") have demonstrated high

performance and reliability over a wide range of operating conditions due to rapid near-field

mixing associated with shear-induced turbulence. Coaxial injectors typically have a high-

density inner jet (typically oxidizer) and a low-density outer jet (typically fuel) with different

relative velocities. Having an outer jet of fuel mitigates risk of hardware damage resulting

from direct contact of the oxidizer with chamber walls. This coaxial injector type is classified

into two main sub-categories: shear coaxial, where both propellants have outlet velocities that
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Figure 1.3: Various like and unlike impinging injection schemes with exemplary element con-
figurations shown. ϕ represents the impingement angle, and dimp represents the impingement
distance offset from the injection plane.

are axial and co-linear and mixing primarily occurs through shear associated with gradients

in axial momentum, and swirl coaxial, where the flowpath geometry generates a tangential or

angular velocity component in the coaxial streams that adds radial momentum and tangential

shear that further enhance mixing. It is noteworthy that shear coaxial injectors have been

used in prior liquid rocket engines such as the Space Shuttle Main Engine (SSME) and Vulcain

II main stage engine, and are expected to play a role in next-generation methane-oxygen

engines that use oxidizer-rich, staged combustion cycles where both propellants may enter

the combustion chamber in a gaseous or supercritical state.
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Figure 1.4: High-fidelity numerical simulation rendering of flow-field and atomization of
impinging doublet using two liquid water jets. From Ref. [24].

1.1.2 Propellant mixing

Arguably the most important role of the injector in an LRE is to efficiently mix the fuel

and the oxidizer. This is accomplished by first breaking up the liquid propellants into small

droplets (atomization) such that they are quickly converted into a gaseous state (vaporization)

and then the two fluids are sufficiently blended together in the correct proportions before

they exothermically react. Deviations from a perfectly homogeneous mixture, or an off-target

propellant mass flow rate ratio will result in a decline in performance. Optimal injector design

typically relies on fundamental scaling parameters in order to correctly size the combustion

chamber and its injector element configuration.

The atomization, vaporization, and blending processes must be achieved within a char-

acteristic axial length and volume in order to minimize combustion chamber size, which is

desirable for reducing a vehicle’s dry mass and therefore enabling augmented performance.
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Figure 1.5: Illustration of near-field mixing behavior for shear bi-coaxial injection schemes.
Left: flush (non-recessed), and right: recessed oxidizer post.

To ensure complete mixing and combustion, a minimum adequate chamber size is required,

which is contingent upon the "residence time" (ts) required for several different processes such

as propellant injection, atomization, vaporization, mixing, and chemical kinetic rates [53, 54].

Typical "residence time" values range from 0.001 to 0.040 seconds for various types of com-

bustors and propellant combinations [128]. Vaporization is typically the slowest of these

processes, and is function of droplet size and therefore heavily dependent on injector design

for a given liquid propellant.

A useful one-dimensional scaling metric used for combustion chamber design is character-

istic length or L∗ ("L-star"), which relates combustor size to targeted engine flow conditions,
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sonic nozzle throat area, propellant properties, and residence time, as seen here in Eqn. 1.2:

L∗ =
ṁtotts
Atρavg

(1.2)

where ṁ is the total propellant flow rate [kg/s], ts is the residence time [s], ρavg is the average

density of the combustion products [kg/m3], and At is the sonic nozzle throat area [m2].

A fundamental parameter used to characterize the combustion efficiency, or how well a

system converts chemical energy into thermal energy, is called characteristic velocity or c∗

("c-star"). The actual c∗ value of a system can be measured experimentally (see Eqn. 1.3)

and an ideal theoretical value of c∗ can be determined as a function of product gas properties

(see Eqn. 1.4).

c∗meas =
P0,cAt

ṁtot
(1.3)

c∗ideal =

√
RuT0,c

Mγ

(
γ + 1

2

) γ+1
γ−1

(1.4)

Here, these variables correspond to product gas properties: P0,c represents the chamber

stagnation pressure [Pa], T0,c represents the chamber stagnation temperature [K], M is the

molecular weight [kg/kmol], γ is the specific gas constant, and Ru is the universal gas constant

(8314.5 [J/kmol·K]).

c∗ efficiency (ηc∗ , in Eqn. 1.5) is a direct reflection of how well an injector atomizes and

mixes the propellants to the desired mixture ratio [54], and is simply defined by the ratio of

the achieved (measured) c∗meas to the ideal theoretical c∗ideal. In modern LREs, c∗ efficiencies

can reach nearly 100% [54].

ηc∗ =
c∗meas

c∗ideal
(1.5)

In additional to the design of individual injector elements, the arrangement of elements

on the injector face has a significant influence on LRE performance, particularly related

to mixing. The relative positions of adjacent elements must be configured in such a way
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that improves mixing uniformity from inter-element interaction, and also avoids extreme

combustion environments near the chamber walls to ensure hardware survivability [43].

High-thrust output LREs, such as booster-class engines, require higher propellant flow

rates, which can be achieved by increasing the per-element flow rates via larger injector

element outlet areas (e.g. larger orifices) for a given combustor size and upstream feed system

pressure. However, larger injector elements produce wider jets of liquid propellant which

slow down the rates of atomization and vaporization and therefore invoke a reduction in

vehicle performance by requiring a larger L∗ for complete combustion. Alternatively, high

propellant flow rates can also be obtained by increasing the total number of elements, or the

"element density" on an injector plate. Maximizing element density, while simultaneously

minimizing orifice size is generally desired for performance benefits [54], but both of these

design parameters are constrained by manufacturing techniques (discussed further in Sec.

1.2.1).

1.1.2.1 Shear coaxial injector mixing

Two important non-dimensional metrics involved in the mixing processes of coaxial jets are

the outer-to-inner velocity ratio (V R = uo/ui) and momentum flux ratio (J = ρou
2
o/ρiu

2
i ).

V R directly influences the intensity of shear layer interaction between the coaxial jets which

relates to the amount of turbulent mixing that occurs, and also determines the length of the

inner potential core [109]. J serves as an important factor in turbulent mixing intensity

and predicting characteristic mixing length scales, accounting for differences in fluid density

in addition to variance in velocity [109]. Off-unity values of V R and J should generally be

targeted to enhance shear-induced turbulent mixing between propellant jets. Both ratios are

predominantly dependent on injector outlet geometry and the oxidizer-to-fuel ratio (O/F =

ṁGO2/ṁGCH4).

Notably, prior work has shown that recessing the oxidizer post relative to the injection
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plane, which introduces a region of pre-mixing prior to the main injection, leads to improved

mixing, wider flame expansion, and sometimes augmented combustion efficiency, albeit

with such benefits often traded against less desirable combustion stability characteristics

[43,67,83,121,125]. Kendrick et al. [67] concluded that a recessed oxidizer post augments the

momentum flux ratio by reducing the effective outlet area of the fuel duct, thus accelerating

the stream and ultimately enhancing mixing. Quantifying such mixing benefits is important

in refining injector design.

Experimental flow-field characterization efforts have utilized numerous optical diagnostic

methods to examine mixing in reacting and non-reacting coaxial jets. These optical methods

include visible high-speed imaging [101, 118, 134], chemiluminescence of combustion radicals

[67,83,118,147], particle image velocimetry (PIV) [17,119], planar laser induced fluorescence

(PLIF) [5, 40, 115,119,140], and x-ray fluorescence [12]. An established metric in analyzing

the mixing characteristics of coaxial fuel-oxidizer jets is the stoichiometric mixing length, LS

[5, 12, 115, 140]. LS is defined as the axial length between the injection plane and where a

stoichiometric interface contour intersects the jet centerline (see Fig. 2.1). Mass entrainment

models capturing shear-induced turbulent flux across an interface of the two fluids indicate

that stoichiometric mixing lengths of variable-density, non-reacting shear coaxial jets scale

with a non-dimensional momentum flux ratio J [140]. This shear coaxial mixing model

has been corroborated experimentally using acetone PLIF [5, 115] in non-reacting coaxial

jets where conditions are favorable for such measurements. Further studies have found that

mixing lengths for reacting shear coaxial flows scale similarly with J , but were found to be

larger than their non-reacting counterparts [115]. The non-reacting studies provide critical

insight into estimating LS, but do not measure LS directly as it would be in a reacting flow

since the effects of heat release from combustion need to be accounted for.

Notably, Tacina and Dahm [34, 130] used an equivalence principle method to resolve

the differences in mixing lengths values for reacting and non-reacting flows which account

for the density changes resulting from exothermic reaction. Considering this equivalence
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principle, Schumaker [116] used hydroxl (OH) PLIF imaging to measure mixing lengths in

various coaxial flames, but discovered that an additional non-physical scaling factor (specific

to the propellants used) was required to reconcile the reacting and non-reacting mixing length

values. This disagreement was later determined to be an inherent byproduct of the OH

PLIF measurement technique [12]. Recently, Bennewitz et al. [12] employed a novel x-ray

fluorescence technique to measure the stoichiometric mixing length of shear coaxial flames

and concluded that the Tacina and Dahm [34, 130] equivalence principle does a good job

capturing the relation between reactive and non-reacting coaxial jet mixing. A common issue

amongst the aforementioned imaging methods is that despite their high spatial resolution

capability, they are generally more qualitative with regards to local species concentration.

Additional quantitative diagnostics are needed to measure fundamental gas properties and

characterize mixing in reacting coaxial flames to obtain a clearer understanding of how mixing

and combustion performance is affected by injector geometry. Our research group recently

developed and demonstrated a mid-infrared laser absorption tomography (LAT) technique

that yields quantitative and spatially-resolved measurements of temperature and species in

quasi-axisymmetric reacting flows [10,11,113,143]. The axisymmetry of coaxial flames allows

for this LAT method to be adopted as a novel means of evaluating mixing and combustion

characteristics of shear coaxial injection schemes.

1.1.2.2 Shear tri-coaxial injector

Coaxial injectors with a third concentric propellant jet (a second annular flowpath), designated

here as tri-coaxial injectors, have potential to improve mixing by increasing propellant contact

surface area and introducing an additional shear-induced propellant mixing layer. A limited

number of prior studies have examined this concept. Cai et. al. computationally and

experimentally assessed the combustion performance and thermal characteristics of a hydrogen-

oxygen tri-coaxial injector design, reporting significant improvements in combustion efficiency

compared to a baseline bi-coaxial design along with higher chamber wall temperatures [18].
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Ping et. al. found similar results in comparing the combustion characteristics of various shear

coaxial injectors using gaseous hydrogen-oxygen, concluding that the propellant contact area is

a primary driver of combustion performance as best demonstrated by a tri-coaxial design with

the highest measured combustion efficiencies over a wide range of flow rates [60]. Using liquid

ethanol and gaseous nitrous oxide, Lee et. al. experimentally evaluated droplet breakup and

flame structure of a tri-coaxial injector using hot-wire anemometry and chemiluminescence

videography of OH radicals over a range of momentum flux ratios by altering the outermost

annular jet velocity [75]. Boualia et. al. used particle image velocimetry (PIV) to characterize

velocity in non-reacting flow-fields of several tri-coaxial configurations with varying central jet

displacements [17]. A tri-coaxial injector design has also been tested commercially by Snecma

for the Vulcain gas generator, with results indicating improved combustion performance,

relative to a bi-coaxial design, with significant increases in the obtainable per-element flow

rate (up to 20 times higher) [13, 26,38,72,141]. Injectors with high per-element mass flow

rates are desirable since they can significantly reduce the number of individual elements

required for a combustor.

The first topic of this dissertation (covered in Chapters 2 and 3) is the utiliza-

tion of optical diagnostic techniques such as LAT and hydroxyl-chemiluminescence

to assess and compare mixing and combustion characteristics of both traditionally-

manufactured and additively-manufactured coaxial rocket injector designs, in-

cluding a novel tri-coaxial design

1.1.3 Combustion instabilities

Combustion instabilities have plagued liquid rocket engines (LREs) since their advent and

still present serious concerns today for system performance and hardware survivability.

Fundamentally described by the Rayleigh criterion [28], combustion instabilities manifest

as periodic fluctuations of pressure within a combustor when in phase with heat release
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from combustion, and are further influenced by chamber and feed system resonances, as

well as propellant injection processes. Fluctuations in chamber pressure can often negatively

influence the fluid dynamics of the propellant injection process, thus reducing performance.

In more extreme cases, they can increase local heat transfer rates and induce excessive

pressure-based vibrations, both of which may damage engine hardware. Despite decades

of research, combustion instabilities remain difficult to predict and model because they are

unique to each combustion system – highly dependent on injector and combustor geometry,

propellant choice, and flow/operating conditions.

Propellant injection systems in LREs inherently experience a large range of thermodynamic

and hydrodynamic conditions from transient engine start-up, nominal operation, throttling,

and engine shut-down – all of which can excite and sustain instabilities over a wide range

of frequencies. While several different classifications of combustion instabilities exist, this

work focuses on linear (self-excited) longitudinal instability modes which originate from the

inherent noise that arises from injection and combustion processes [129]. Linear longitudinal

instability modes are present in most LREs and generally appear sinusoidal in nature. They

can manifest as low-frequency chugging, intermediate-frequency feed system coupled buzzing,

and/or high-frequency acoustic eigenmodes, all of which are extremely sensitive to LRE

injector design [58, 129]. Low-frequency, feed system instability modes (chugging) are in the

∼10–400 Hz range, caused by a coupling between the propellant feed system and combustion

processes within the chamber, and is heavily influenced by the injection scheme, injector

element geometry, and inter-element arrangement. Intermediate-frequency modes (acoustic

or buzzing) are in the ∼400–1000 Hz range, and are linked with structural vibrations, and

feed system and chamber acoustics. Lastly, high-frequency modes (screeching) are in the

>1000 Hz range, and are related to pressure waves from combustion processes and chamber

acoustic resonance properties.

For acoustic modes, the physical mechanisms that drive oscillations in volumetric heat

release rate are categorized by either intrinsic or injection-coupled processes. Intrinsic
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instabilities are defined by heat release rate fluctuations initiated by chamber acoustic

modes from variations in combustion sub-processes that occur after propellant injection

(e.g., atomization, vaporization, mixing, chemical kinetics). Said sub-processes determine

the phase relationship between the chamber response and the injector response, hence

dictating the feedback mechanism of amplification [56]. Intrinsic instabilities are considered

to have a negligible effect on propellant injection flow rates [58]. Alternatively, injection-

coupled acoustic instabilities occur from the coupling of chamber resonances and oscillatory

fluctuations of propellant flow rates from the propellant injection system [56]. Thermoacoustic

instabilities are a subclassification where combustion heat release rates become coupled with

acoustic pressure waves within the chamber. Low-frequency chugging modes (non-acoustic)

are also induced by injection-coupled processes, caused by a coupling of elastic pressure-

wave interactions between the propellant feed system and combustor, and sometimes even

influenced by vehicle structures [128].

Although in some special cases where the presence of combustion instabilities (typically

higher-frequency transverse modes) can enhance propellant mixing and combustion perfor-

mance, this is not particularly true for low-frequency chugging modes. For example, when an

instability invokes an increase in the local chamber pressure on the injection plane, propellant

flow rates are briefly reduced. In some situations, combustion products can backflow into

propellant manifolds. In these cases of propellant flow rate modulation, there is a characteris-

tic refresh time for propellants to reestablish nominal flow back into the combustion chamber.

Due to differences in propellant densities, flow rates, injector outlet geometries, and injection

pressure drops, the corresponding propellant refresh times often mismatch. This results

in a transient and spatially varying equivalence ratio and total mass flow rate throughout

the combustion chamber, ultimately reducing performance. The consequent reduction in

flow conditions then invokes a rapid decline in chamber pressure, encouraging propellants to

quickly surge back into the chamber, repeating the cycle.

In most cases, combustion instabilities are empirically characterized and minimized during
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Figure 1.6: Example LRE chamber pressure traces for "smooth" (top) and "rough" (bottom)
combustion.

engine development via hot-fire testing analyses, in which combustion system component

and assembly designs are iteratively modified until instabilities are reduced below some

predetermined allowable threshold. Classically, "quasi-stable" or "smooth combustion" is

achieved when amplitudes of chamber pressure fluctuations do not exceed ±5% of the average

chamber pressure, whereas "rough combustion" occurs when these pressure fluctuations

exceed ±10% [58]. Fig. 1.6 illustrates example chamber pressure traces for smooth and

rough combustion of LRE operation. Beyond limited preliminary design considerations, high-

frequency instabilities are traditionally minimized through the use of stabilization methods

designed in a highly empirical trial and error manner. These damping devices include baffles

or acoustic resonance cavities that can absorb acoustic energy at discrete frequency ranges.

Increasing injector stiffness (∆Pinj/PC), analogous to increasing the injector’s impedance, has

proven to be a reliable method of reducing injection-coupled chugging modes. Injector stiffness
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is traditionally recommended to be between 15–20% to promote stable combustion [58,128],

although the exact value will be dependent on the system and operational tolerances. While

lower stiffness injection systems are desirable for lighter feed systems, they counter an

effective combustion instability damping mechanism. Higher injector stiffness therefore

requires larger/heavier feed pressurization hardware, and the implementation of damping

devices both increase the complexity and overall dry mass of the vehicle, resulting in a

decreased payload or mission duration capability for spacecraft and launch vehicles.

Linear instability behavior in combustion systems has been extensively studied, with

much of the basic framework being established by Crocco and Cheng [33]. In order to

describe chugging behavior in monopropellant LREs, Crocco introduced a simple time lag

theory [29], which associates the fluctuations of combustion heat release and chamber pressure

via the time lag (or phase shift) τ , between said fluctuations. This time lag is attributed

to the sub-processes that must occur prior to complete combustion such as atomization,

vaporization, mixing, and chemical kinetics. The classical time lag models were later improved

upon by Crocco and Cheng [30–33], Hutt and Rocker [56], and Wenzel and Szuch [146],

among others, which extended to high-frequency modes and accounted for parameters such as

acoustic effects, damping mechanisms, bi-propellants, and other chamber-injector responses.

Casiano [20] provided a detailed explanation of these time lag models and further expanded

them for practical application on stability design for LREs, particularly those that employ

deep throttling. For a more comprehensive review of combustion instabilities in LREs, the

reader is referred to the following compilations edited by Harrje and Reardon [129], Santoro

and Anderson [114], and Yang and Anderson [139].

Most research, especially the aforementioned pioneering studies, has been conducted

using condensed phase (liquid-liquid or liquid-gas) injection systems due to their frequent

use in the majority of space vehicles. Recently, full-flow staged combustion (FFSC) cycle

engines, like the SpaceX Raptor engine, have gained traction due to their performance

benefits compared to non-staged combustion cycles, and from their less extreme conditions
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imposed on turbomachinery compared to oxidizer-rich staged combustion cycles [104]. FFSC

cycle engines partially combust each propellant in fuel-rich and oxidizer-rich preburners

to drive turbomachinery, ultimately delivering the propellants into the main combustion

chamber in a gaseous or supercritical state. Non-condensed phase injection systems avoid

many of the complex physical processes associated with liquid injection that can excite

high-frequency intrinsic instabilities, such as droplet formation, vaporization, and multi-phase

mixing interactions. Previous work done by Lemcherfi et. al. [76] and Pons et. al. [106]

investigated the influence of propellant injection temperature on stability in a single-element

combustor with staged combustion cycles that used a shear coaxial injector with gaseous

methane-oxygen as propellants. It was discovered that higher temperatures of the fuel and

oxidizer contributed to higher-frequency modes dominating, while lower injection temperatures

prompted low-frequency chugging modes to prevail. Due to the dependence on injector design,

additional combustion instability characterization of advanced gas-gas injection systems for

next-generation liquid rocket engines is needed.

The second topic of this dissertation (covered in Chapter 4) is an examination

of the combustion instability characteristics of a novel, additively-manufactured

tri-coaxial methane-oxygen LRE injection scheme.

1.1.4 Injector hydraulics

In liquid rocket injectors, hydraulic performance is most closely associated with injector

pressure drop, ∆Pinj. The static pressure drop in a liquid injector is associated with the

acceleration of liquid propellants through the injector elements and into the combustion

chamber. Typical values of injector ∆Pinj are on the order of hundreds of psi, or 15–20% of

chamber pressure [58] (also known as injector stiffness). Injector stiffness (IS) is defined as:

IS ≡ ∆Pinj

Pc
=

Pfeed − Pc

Pc
(1.6)
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Here, Pc represents the static chamber pressure and Pfeed is the injector’s propellant manifold

pressure.

While higher values of ∆Pinj are associated with better atomization and improved sup-

pression of combustion instabilities, high ∆Pinj is undesirable at the system or vehicle level.

Higher ∆Pinj requires larger/heavier feed system pressurization hardware, which reduces

overall vehicle performance via increased dry mass. Common LRE propulsion systems like

gas generator or staged combustion cycles employ turbopumps to pressurize propellants and

achieve improved system performance. In said systems, turbopumps rely on combusting

propellants in pre-burners or gas generators in order to supply the energy necessary for

turbomachinery to pressurize (i.e., do work on) the propellants. Increased propellant pressur-

ization requirements demand greater work output from the turbopumps, thereby reducing

the overall propellant efficiency when excess feed pressures are required to meet a given

combustion chamber pressure. High ∆Pinj can also sometimes produce excessive propellant

inlet velocities [53] and negatively affect LRE throttling capabilities [58].

Injector pressure drop, ∆Pinj, can be split up into two components:

∆Pinj = ∆Pideal +∆Ploss (1.7)

Here, ∆Pideal is the ideal pressure differential required to deliver propellants at a given

mass flow rate into the combustion chamber, which assumes incompressible, inviscid flow

with no energy losses (therefore, total pressure is conserved and no entropy is generated).

This pressure differential across injector orifices imparts kinetic energy to the propellant jet,

thereby supplying the energy required for efficient atomization and mixing. In contrast, ∆Ploss

accounts for the hydraulic head losses associated with viscous energy dissipation from inertial

(changes in flow direction) and frictional (surface) effects, both of which are contingent upon

injector flowpath geometry and surface characteristics. ∆Ploss is a metric for quantifying the

loss in total pressure. Hydraulic losses are undesirable because they reduce the total pressure
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across the injector without contributing to the axial momentum of the liquid jet and should

therefore be avoided. For impinging injectors, the manifold to orifice geometry is a significant

contributor to ∆Ploss. The relevant features of orifice geometry include the entrance or inlet

to the orifice, the bore diameter, the bore length, as well as the orifice exit profile.

1.1.4.1 Injector hydraulic losses

Liquid propellant flow through an impinging injector flowpath can be approximated as

incompressible, fully-developed, steady, viscous flow through a circular pipe with gravitational

effects neglected. Characterizing hydraulic losses (∆Ploss) is of great importance to a designer

because it informs propellant feed system hardware requirements to achieve specific flow

conditions and ultimately influences the total dry mass of the vehicle. The two main

contributors to ∆Ploss are primarily classified by either frictional or inertial viscous losses.

That is, ∆Ploss ≈ ∆Pfr+∆Pinert. Understanding the relative extent at which these two sources

affect ∆Ploss informs potential injector design modifications that can enable fine tuning of

total ∆Pinj. Each loss contributor can be predicted given a certain set of flow conditions and

an injector geometry by using fairly simple fluid mechanical analyses, and are described in

the following sections.

Frictional viscous losses (also known as major losses) result from the fluid’s internal

viscous shear stresses and are influenced by the surface roughness of the pipe walls. Increased

wall surface roughness can cause relatively laminar flow to transition to turbulent flow

more quickly, accelerating the growth of the boundary layer, and inducing higher wall shear

stresses [42]. Consequently, total pressure reduced (∆Ploss increased) via eddy generation

and dissipative turbulence within the relatively large boundary layer. The frictional loss

component ∆Pfr is defined as:

∆Pfr = f
l

D

ρu2

2
(1.8)

where f is the dimensionless Darcy friction factor, l/D is the flowpath length to diameter
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ratio, ρ is the fluid density [kg/m3], and u is the bulk flow velocity [m/s]. The friction

factor for turbulent flow, f = f(ReD, ε/D), is a function of Reynold’s number, ReD, and

the relative roughness, ε/D. D is the flowpath diameter, and ε is the equivalent roughness –

a length scale that represents the surface roughness of an irregular surface, defined by the

height of a uniform sand-grain surface that would produce the same results as shown in Fig.

1.7. f is traditionally determined via empirical correlations from a Moody chart (Fig. 1.8)

by knowing the ReD and ε/D [89]. While different Moody charts exist for different flow

conditions and pipe geometries, the case referenced here corresponds to steady, incompressible,

fully-developed, round pipe flow. Recall that Reynolds number is defined as:

ReD =
ρuD

µ
(1.9)

where µ is the dynamic viscosity of the fluid [Pa·s].

The Haaland equation [50], defined below in Eqn. 1.10, enables friction factor to be

determined explicitly by approximating the implicit Colebrook–White equation:

1√
f
= −1.8 log

[(
ε/D

3.7

)1.11

+
6.9

ReD

]
(1.10)

It should be noted that frictional losses are still present even when walls are smooth (ε/D ≈ 0).

That is, the Darcy friction factor, f , is non-zero, and can be approximated using the Blasius

correlation equation [42]:

f = 0.3164Re−0.25
D (1.11)

For a given set of flow conditions and injector geometry, the expected range of ReD

can be determined, the relative roughness (ε/D) can be found through surface roughness

measurements, and f can be estimated via the Moody chart (Fig. 1.8), the Haaland equation

(Eqn. 1.10), or the Blasius equation for smooth pipes (Eqn. 1.11). However, careful

consideration should be taken since the best achievable accuracy for these methods is around
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Figure 1.7: (Left) Schematic of equivalent sand grain roughness (ε) definition. (Right)
Schematic of how average surface roughness Ra is defined, relative to ε on a representative
surface profile.

10% [42]. Note that the Moody chart and it’s associated correlation formulas is generally

only valid for ε/D ≲ 0.05. Due to inherent uncertainties, such as variability in relative

roughness and experimental data used to generate the Moody chart, using more than about

two significant digits in pipe flow calculations is generally unwarranted.

Alternatively, inertial viscous losses (also known as minor losses) are a result of flowpath

geometry changes that cause flow to change direction, such as bends, expansions, contractions,

or at the entrance (i.e., inlet) or exit (i.e., outlet) of fluid passageways. These momentum

changes generate turbulent effects (e.g., flow separation, eddies, and vortices), removing

energy from the flow and therefore increasing ∆Pinj. The inertial loss component of injector

pressure drop, ∆Pinert, is defined as:

∆Pinert = KL
ρu2

2
= KLPdyn (1.12)

where KL is an empirically determined constant known as the loss coefficient. For typical

fluid systems, components such as valves, tees, and elbows are experimentally characterized

and assigned a corresponding KL value. In the context of an impinging liquid rocket injector,

determining a loss coefficient can be challenging and very design-specific, requiring multi-

dimensional analysis. However, an understanding of how general internal flow features and

geometry influences KL (and in turn, ∆Pinert) is valuable.

Fig. 1.9 illustrates how various flowpath entrance geometries affect KL. Subfigure 1.9a.
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Figure 1.8: Moody chart: Darcy friction factor as a function of Reynolds number and relative
roughness for circular pipes. From Ref. [42].

illustrates how sharp corners and sudden changes in flow direction and area can cause flow

separation. This phenomena is known as a vena contracta effect and contributes directly to

total pressure loss [42]. Subfigure 1.9b shows a flow schematic analogous to the entrance to

the orifice section of an impinging injector element with sharp flowpath features, like those

manufactured using conventional subtractive methods. Here, we can see how the velocity

at the "throat" seen at position (2) is greater than that downstream at position (3) from

a difference in local flow area. The inertial losses generated at the entrance, in addition to

the fluid having to decelerate from position (2) to (3), both contribute to a drop in total

pressure (∆Ploss) from viscous dissipation. The bottom left and bottom right schematic in

subfigure 1.9a. demonstrate how a rounded ("tapered") entrance can efficiently accelerate
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Figure 1.9: (a.) Examples of flowpath entrance geometries and their associated loss coefficients,
and (b.) a flowpath schematic with inherent inertial losses relevant to an impinging injector
design with sharp flowpath features. Images originally from [42] with labels added.

the flow with significantly reduced inertial losses. Herein lies the primary hydraulic benefit

of an impinging injector design with tapered propellant flowpaths – a geometry enabled by

additive manufacturing.

1.1.4.2 Hydraulic performance metrics

The discharge coefficient, CD, is a key hydraulic performance parameter used to characterize

the aggregate hydraulic losses of a fluid passageway. CD may also be thought of as the

fraction of effective cross-sectional flow area relative to the actual cross-sectional flow area.

CD relates the total injector pressure drop to known flow conditions and injector outlet

(orifice) geometry, and is defined as:

CD ≡ ṁmeas

ṁideal
=

ṁmeas

A
√

2ρ∆Pinj
(1.13)

Here, ṁmeas [kg/s] represents the actual mass flow rate of propellant with density ρ [kg/m2]

through an orifice with a cross-sectional flow area A [m2], and the total injector pressure drop

∆Pinj [Pa] across the measured flowpath. The ∆Ploss component of total injector pressure
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drop can be determined from CD by:

∆Ploss = ∆Pinj(1− C2
D) (1.14)

An ideal flowpath with minimal hydraulic losses would result in a CD ≈ 1, resulting in a

∆Ploss ≈ 0 and thereby conserving total pressure across the injector. A CD = 1 would instead

require the fluid to be inviscid.

Orifice discharge coefficients tend to gradually increase with larger orifice diameters, but

are also highly sensitive to orifice inlet geometry. Work done by Friant et al [39] in the

1950’s characterized injector discharge coefficient for various orifice inlet geometries (e.g.,

sharp-edged, chamfered, and rounded inlets) fabricated using conventional machining. Burrs

located at the orifice inlet were a common manufacturing defect and were also included in

Friant’s study. Fig. 1.10 illustrates how orifice CD generally trends with different orifice

Figure 1.10: Discharge coefficient as a function of orifice inlet geometry. Adapted from
Ref. [39].
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inlet features and their associated characteristics (figure adapted from [39]). It was shown

that rounded orifice entrance profiles with more gradual changes in flow area (higher R/D)

achieved the highest CD. In typical LRE impinging injectors, orifice CD’s typically range

from 0.50 to 0.92, with the higher end values enabled by smooth bores and rounded orifice

inlets [58]. Rounded inlets can be formed using a special contoured mechanical cutting

tool, but require direct accessibility for proper fabrication. Such conventional subtractive

manufacturing techniques employ fixed tooling geometry and often have restricted tooling

accessibility, which can complicate the already process-intensive injector fabrication.

Additionally, the diodicity (Di), is defined as a means of characterizing the relative

backflow resistance of a flowpath. Diodicity is defined in Eq. 1.15 as the ratio of pressure

drop for reverse flow to the required pressure drop in forward flow for the same mass flow

rate, or can also be described in terms of forward and reverse discharge coefficients, as seen

here:

Di =
(
∆prev

∆pfwd

)
ṁ

=

(
CD,fwd

CD,rev

)2

(1.15)

Abrupt changes in liquid propellant flow direction can invoke high local flow velocities,

causing liquid propellants to suddenly drop below their vapor pressure and violently expand

into their gaseous state, known as cavitation. Cavitation is a phenomenon that is generally

avoided in LRE component design due to its tendency to negatively influence the hydraulic

and mixing performance by altering effective flow passages, and due to its high likelihood

of causing hardware damage [58]. Injector flowpath designs that contain gradual changes

in flow direction and flow area are desirable to discourage liquid propellant cavitation in

addition to other inertial viscous losses, but conventionally-manufactured injectors are limited

by traditional subtractive manufacturing techniques. A more in-depth review on the fluid

mechanical theories that govern injector hydraulics is covered in Ch. 5.

The third and final topic of this work (covered in Chapters 5 and 6) is an

assessment of the hydraulic performance benefits of novel liquid-liquid impinging
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rocket injection schemes enabled by additive manufacturing.

1.1.5 Bipropellant selection

Most chemical rockets, especially those used for launch vehicles, use liquid bipropellants (i.e.,

one fuel and one oxidizer). The propellant combination chosen has a significant impact on

overall LRE system performance and individual component design. In addition to performance

considerations, LRE designers must also account for the cost, ease of handling, accessibility,

and storage requirements when choosing propellants. Liquid propellants include both liquid

fuels (hydrogen, RP-1, methane, monomethylhydrazine (MMH), etc.) and liquid oxidizers

(oxygen, fluorine, nitric acid, dinitrogen tetroxide (NTO), etc.).

Methane-oxygen has become a particularly attractive liquid bipropellant combination for

next-generation launch vehicles. This may be attributed to its high specific impulse, low

tendency for thermal decomposition relative to kerosene-fueled systems, and ease of handling

and leak management relative to hydrogen due to more moderate cryogenic temperatures and

higher molecular weight [99,128]. Such characteristics, amongst other benefits of methane,

lend towards potentially more affordable and reliable re-usable launch systems. Despite

these benefits, the design and optimization of liquid methane-oxygen rocket engines are

considerably less mature than either kerosene- or hydrogen-fueled systems due to their

extensive heritage. This lack of technical maturity motivates fundamental studies of methane-

oxygen rocket combustion devices, including injectors, which serve a critical role in overall

system performance and stability.

For modern booster-class rocket engines, liquid propellants are generally introduced into

a combustion chamber in supercritical state (where liquids appear to behave more like dense

gases) [23]. Furthermore, next-gen liquid rocket engines are expected to use staged combustion

cycles that implement the use of pre-burners that partially combust their propellants to

power turbomachinery prior to injecting them into the main combustion chamber in a gaseous
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or supercritical state. As such, further studies on mixing and combustion characteristics of

gaseous and supercritical methane and oxygen are needed to provide additional insight to

injection design for next generation liquid rocket engines.

1.2 Additive manufacturing

1.2.1 Challenges of conventionally-manufactured injectors

Component manufacturing has traditionally been achieved through subtractive manufacturing

– an encompassing term for various methods of controlled removal of material (via manual or

computer-driven machining) from solid stock to form a final shape. In LREs, injector systems

are commonly multi-component assemblies often comprised of several hundred individual

injector elements that are later welded or brazed together to form a single injector plate.

The design of the upstream feed-system manifold is often very complex and firmly coupled

with the injection scheme and inter-element arrangement selection since multiple flowpaths

require a single supply source [54]. The injector manifold must be able to provide all injector

elements with uniform flow to ensure that targeted local mixture ratios and flow rates are

achieved, and therefore demands a large amount of physical space. This manifold volume is

known as "dribble volume" which controls the amount of time to prime the system, affects

the transient behavior of engine start-up and shut-down, and is often a major source of

performance reduction for in-space thrusters with short thrust pulses [54]. Reductions in

dribble manifold volume has also been found to improve stability for low-frequency combustion

instability modes [54]. Optimizing the multitude of design considerations can be difficult and

process-intensive with traditional subtractive manufacturing methods.

The complexity of component design has historically been restricted by the geometry and

accessibility of machining tools, which can be limiting for parts that require material to be

removed internally such as for propellant flowpaths within an injector element or within the

injector manifold. Specific to impinging injectors, orifice geometry and sizing are critical
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design parameters that significantly affect propellant flow patterns, discharge coefficients,

atomization quality and distribution, local mixing, and rates of local wall heat transfer [128].

Therefore, any manufacturing-related deviations from targeted orifice design (e.g., burrs,

non-uniformity, etc.) can drastically impact performance and hardware survivability. LRE

impinging injector orifices are traditionally fabricated via milling and drilling techniques.

Orifice diameters have ranged from 0.004 in. to 0.75 in. for 1-lb-thrust engine and a booster-

class engine, respectively, but typical orifice diameters fall somewhere between 0.015 – 0.080

in [43,54]. For mixing and combustion performance considerations, small-diameter orifices

are typically desired since they improve atomization and reduce vaporization times. However,

smaller orifices consequently demand higher element density (number of injector elements

per unit injector face area) to achieve higher flow rates and therefore higher thrust. A higher

element density is typically desirable for performance considerations, but again is limited by

the manufacturing complexity.

1.2.2 Additive manufacturing of metals

Contrary to traditional subtractive manufacturing techniques, additive manufacturing (AM)

incrementally adds material one layer at a time, typically using a wire or powder feedstock

that is melted and fused by a directed energy source until the final targeted part geometry is

achieved [52]. AM enables rapid prototyping and testing of complex components, significant

reductions in part count and part weight, and elimination of production-process steps. In

combination, these benefits can ultimately lower the cost and time required to manufacture,

assemble, and mature new component designs. AM technology has rapidly matured over

the last decade and is being utilized for its lucrative benefits in a multitude of different

industries such as medical, automotive, and aerospace [7]. Advanced metallic "super-alloys"

with extremely attractive material properties are constantly being developed for additive

manufacturing processes [123,127,151]. Furthermore, some modern AM printers also permit

monolithic part fabrication that use multiple different metallic alloys, even those with precise
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Figure 1.11: Various metal additive manufacturing methods. From Ref. [48].

Figure 1.12: (Left) Schematic of a typical L-PBF machine. (Right) Schematic of the laser and
powder bed interface with key operating parameters labeled. Both images from Ref. [120].

gradient-control of alloy mixtures [69, 94,122].

Several metal additive manufacturing methods exist (see Fig. 1.11) ranging in complexity

and application. A brief overview of these methods is highlighted here, but a more com-

prehensive description of how they operate along with their own inherent advantages and

disadvantages can be found in [15, 48, 52, 112]. The type of AM method is chosen for part

fabrication is primarily based on resolution requirements, complexity of features, and the

scale or size of the part [48]. The most popular AM method in the aerospace industry, and
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particularly relevant to this work, is Laser Powder Bed Fusion (L-PBF), which is well-known

for producing high-precision, fully dense components [48]. L-PBF is also referred to as

other names such as Laser Beam Melting (LBM), Direct Metal Laser Sintering (DMLS),

and Selective Laser Melting (SLM). In the L-PBF method (shown in Fig. 1.12), metallic

powder feedstock is selectively melted by a focused laser beam, and then rapidly solidifies

layer-by-layer into a complete solid part [15]. Typical layer thicknesses for L-PBF range from

20 µm – 100 µm [52], enabling high feature resolution as small as ∼0.2 mm (∼0.008 in) [15].

However, even modern state-of-the-art L-PBF technologies are limited by relatively small

build volumes, with maximum achievable AM part sizes on the order of ∼400 mm, although

larger systems are currently being developed [15].

1.2.3 Advantages of additively-manufactured injector design

Additive manufacturing with high-performance metal alloys (e.g., stainless-steel, inconel,

titanium, aluminum, copper, etc.) is revolutionizing the design and development of combustion

devices [48]. Examples of modern aerospace companies that are currently utilizing metal

AM components include: SpaceX, Rocket Lab, Relativity, Boeing, Orbex, Blue Origin, Astra,

Aerojet Rocketdyne, Lockheed Martin, and Airbus. Beyond the practical economic and

production-rate advantages, AM also provides a more flexible design space, allowing for

optimal material distribution and thus reducing the mass of components while maintaining

critical mechanical and structural properties. This expanded design freedom from metal AM

permits the fabrication of sophisticated three-dimensional geometries, enabling a new means

to tailor the fluid dynamics of combustion devices to maximize performance, particularly

related to propellant injection.

Additive manufacturing offers a multitude of benefits to LRE injector design and de-

velopment. AM enables accelerated production of monolithic injector designs, allowing for

rapid-prototyping, dramatically reducing part counts and total mass of injection systems, and
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Figure 1.13: Additively-manufactured (L-PBF) LRE injectors for a range of thrust classes,
printed and hot-fire tested at NASA MSFC. From NASA MSFC.

simplifying/improving interpropellant joint sealing. To date, AM injectors have demonstrated

equivalent combustion performance to conventionally-manufactured injectors, and exceptional

life-cycle performance over a wide range of LRE thrust classes [8, 44, 48,49,95,96,131]. AM

injectors permit the implementation of complex fluid passageways and orifice profiles that

can decrease injector forward pressure-drop, increase element density, enhance propellant

mixing, and reduce injector manifold ("dribble") volume [8,44,48,132], many of which can

be achieved in a monolithic form. Several examples of additively-manufactured LRE injector

designs (fabricated using L-PBF), which were printed and hot-fire tested by NASA MSFC,

are pictured in Fig. 1.13.

Despite promising evidence of improved performance, the aforementioned tri-coaxial

injector design also adds complexity to the multi-part, process-intensive fabrication of bi-

coaxial injector element assemblies using traditional manufacturing methods, which require

multiple components to be combined via brazing or welding for each injection element. Multi-

element injector geometries, such as those used in a liquid rocket main combustion chamber,

can employ up to hundreds of individual elements, with a correspondingly large number

of parts with amplified process intensity. Recent works, including from our own research
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group, have shown that coaxial injectors can be additively manufactured in a monolithic or

single-part form factor, thereby reducing manufacturing complexity and risks associated with

manufacturing error [3, 8, 93, 131]. Ahn et. al. experimentally assessed hydraulic and mixing

performance of various additively-manufactured bi-coaxial injector elements via cold-flow

testing and flow structure imaging, and discovered that despite having a lower discharge

coefficient than traditionally-manufactured injectors from inherent AM surface roughness,

the AM coaxial injectors demonstrated no significant problems with propellant injector and

atomization [3]. Additive manufacturing flexibility further enables the geometrically tailored

manifolding required to supply the optimal amount of propellant to each injector element

[44,48,131]. Manifold design for optimal flow distribution becomes a greater challenge for

tri-coaxial injection elements, along with the difficulty of inter-propellant sealing given the

additional parallel flowpath. Additive manufacturing has the clear potential to address these

complexities and enable the tri-coaxial injector design to realize its benefits.

1.2.4 Challenges of additively-manufactured injector design

Although the constraints of additive manufacturing are fewer in comparison to conventional

subtractive manufacturing techniques, AM still has a few inherent challenges. One of the

most difficult design restrictions to overcome when designing any additively-manufacturable

component is staying within the unsupported overhang angle limit. This critical angle varies

for different printing methods and materials, but often range between 30◦ to 45◦ with respect

to the normal of the printing surface. As an injector’s internal flow-path complexity increases

in order to achieve desired performance outcomes, creating a design that is printable and

structurally robust becomes a more arduous task. Additionally, the removal of residual

unsintered powder from internal passageways is usually a necessary, but potentially difficult

task within the injector where access is limited. Feature resolution often scales with the

build-volume of AM printers. Therefore, achieving sub-mm feature resolution (relevant to

injector orifice sizes) for relatively large parts, such as a full-scale high-thrust class injector
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plate, is currently difficult, although not impossible. Fortunately, AM technology is still

rapidly maturing, enabling the development of high-resolution, large build volume printers [15].

Smaller, current state-of-the-art printers have demonstrated repeatable feature resolution

on the order of 0.010" which is expected to be sufficient for advanced AM injector designs.

Structural properties of additively-manufactured parts may differ from the solid stock version

of the same alloy. AM parts may also be anisotropic from inherent porosity and internal

thermal stresses that can lead to crack propagation [15]. However, AM print parameters can

be optimized and paired with post-print operations to improve material properties (e.g., heat

treatments or hot isostatic pressing), which in some cases, have been shown to exceed those

associated with conventional manufacturing techniques [37,84,136].

From a hydraulics perspective, the expanded design freedom of additive manufacturing

enables flowpath tapering which mitigates the inertial losses generally associated with sharp

features within conventionally-manufactured injector geometries. However, the increased

surface roughness inherent to AM parts can introduce additional frictional viscous losses,

potentially offsetting the hydraulic benefits of geometric optimization. The layer-by-layer

manufacturing process creates a "stair-step effect" on sloped surfaces (illustrated in Fig. 1.14),

thereby making layer thickness and print angle primary contributors to AM surface roughness.

Several other factors that influence AM surface topology are metallic powder distribution,

non-uniform melting, thermal effects, and laser scan strategy [27]. Limitations in the ultra-fine

control of AM parameters inevitably results in a stochastic surface at small scales. Fig. 1.15

shows images captured by a scanning electron microscope of an AlSi10Mg L-PBF printed

surface at various magnifications. The consequences of AM surface roughness are particularly

meaningful in the small orifice geometry of impinging injectors, where cross-sectional flow area

is minimized and flow velocity is maximized. At scales similar to smaller orifice diameters,

AM surface roughness can occupy a finite and spatially-varying fraction of the orifice flow

area. This can perturb flow characteristics and potentially shift CD.

Fortunately, many of the aforementioned challenges associated with AM surface roughness
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Figure 1.14: Another schematic of the L-PBF AM printing method, highlighting the "stair-step
effect" relevant to surface roughness of AM parts. From Ref. [73].

Figure 1.15: Multi-scale surface topology images captured by a scanning electron microscope
of a AlSi10Mg part printed using L-PBF. From Ref. [137].

can be overcome by supplementing with post-print traditional subtractive manufacturing

processes. For example, AM injector flowpath surface finish can be improved via flow polishing

techniques (i.e., flow machining, or honing) as demonstrated by our research group in Ref. [97])
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or simply through advancements in as-printed surface finish. For injector surfaces that require

sealing or o-ring grooves, facing or turning on a lathe or mill may be adopted. Orifice

geometries unable to be sufficiently resolved from printing may be formed from conventional

or electrical discharge machining (EDM) drilling.

1.3 Scope and organization

This dissertation focuses on how advanced injector geometries enabled by additive manu-

facturing impact the following three topics of LRE operation: (1) combustion and mixing

performance, (2) injector-related combustion instabilities, and (3) injector hydraulic perfor-

mance. Novel injection schemes with AM-enabled features are investigated and assessed

through both computational and experimental efforts, which include but are not limited to:

computational fluid dynamics, cold-flow testing, hot-fire testing, laser absorption spectroscopy,

and chemiluminescence imaging.

Chapter 2 examines propellant mixing of different LRE injector designs by employing a

novel optical diagnostic technique (laser absorption tomography) on coaxial flames. Coaxial

mixing length scales are characterized and compared for three shear coaxial injectors with

varying oxidizer post recess. Methane and oxygen are used as propellants and combusted in

an atmospheric burner. This technique generates quantitative distributions of temperature

and carbon-monoxide concentration for a range of axial positions. Planar measurements are

compiled to produce two-dimensional, spatially-resolved images of each flame’s thermochemical

structure. This technique also enables a unique method of directly capturing the stoichiometric

mixing length.

Chapter 3 evaluates propellant mixing and combustion characteristics of a novel, mono-

lithic, AM-enabled, methane-oxygen shear tri-coaxial injection scheme using two optical

diagnostic techniques. First, the laser absorption tomography method described in Chapter

2 is employed to generate images of the thermochemical flame structure under ambient
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conditions. Second, hydroxyl-chemiluminescence (OHCL) high-speed videography is used

to capture OH* emission in-chamber at pressures up to 69 bar. Following some image

processing, additional flame length scales are defined and measured. Combustion efficiency

is also determined via characteristic velocity measurements. The compiled AM tri-coaxial

injector results obtained from the multiple experimental evaluation techniques are compared

to that of a conventionally-manufactured bi-coaxial injection scheme.

In Chapter 4, combustion instabilities are experimentally characterized for the novel tri-

coaxial injector design through the employment of multiple diagnostics during hot-fire tests

within a single-element high-pressure methane-oxygen combustor. Dynamic pressure within

the combustor and the oxidizer feed system is measured using high-speed piezoelectric sensors.

Additionally, high-speed OH* chemiluminescence videography captures fluctuations in the

spontaneous emission of the excited hydroxyl radical within the combustor. Characteristic

frequencies of combustion instability modes are predicted by computational models and also

measured directly. Pressure amplitudes corresponding with the characteristic frequencies are

also determined, and thermoacoustic coupling between the heat release from combustion and

pressure fluctuations are also quantified. Measurements associated with the tri-coaxial injector

design were compared to two traditional shear bi-coaxial geometries with and without a

recessed central oxidizer post over a range of chamber pressures from 35–69 bar. Supplemental

tests were also conducted using hydrogen-oxygen propellants, although methane-oxygen was

the main propellant combination.

Chapter 5 focuses on minimizing hydraulic losses in an impinging liquid rocket injector

through flowpath tapering enabled by an additively-manufactured design. The increased

surface roughness inherent to additive manufacturing was also investigated. Computational

fluid dynamics analyses were performed to inform injector design modifications based on a

canonical conventionally-manufactured impinging injector. A combination of smooth-wall and

rough-wall CFD simulations help distinguish the relative extent of the inertial and frictional

viscous effects involved. An experimental testing effort supplemented the CFD analysis.
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Based on CFD results, several promising AM tapered injector designs were down-selected

for printing. Injectors were cold-flow tested over a range of injector pressure drop, enabling

discharge coefficients to be measured to quantify hydraulic losses. Comparisons are made

between the down-selected AM designs and the conventionally-manufactured geometries.

Experimental results are also compared to CFD predictions.

Chapter 6 further explores the design space offered by additive manufacturing to implement

geometric fluidic diodes and tapering features near the injection plane for an impinging

injection scheme as a simple means of increasing diodicity, or backflow-resistance. Steady

single phase and transient multiphase CFD analyses are conducted on novel injector geometries

that characterize forward and reverse flow resistance, as well as backflow recovery behavior.

Lastly, Chapter 7 summarizes the conclusions obtained from this aggregate work and

discusses current and future research directions relevant to the performance-enhancing

potential of advanced rocket injection schemes enabled by additive manufacturing.
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CHAPTER 2

Shear coaxial injector mixing and combustion examined

by laser absorption tomography

The contents of this chapter have been published in the AIAA Journal of Propulsion and

Power under the full title "Shear Coaxial Methane–Oxygen Injector Mixing and Combustion

Examined by Laser Absorption Tomography" [65]. Portions of this chapter’s contents have

also been presented at the Western States Section Combustion Institute Fall 2023

Technical Meeting, and presented / included in the conference proceedings for the AIAA

SciTech Forum, 2024 under the title of "Coaxial rocket injector mixing and combustion via

mid-infrared laser absorption tomography" [66] and was awarded the Walter R. Lempert

Best Student Paper Award in Diagnostics for Fluid Mechanics, Plasma Physics,

and Energy Transfer.

2.1 Introduction

Methane-oxygen has become an attractive liquid bipropellant combination for next-generation

launch vehicles. This may be attributed to its high specific impulse, low tendency for thermal

decomposition relative to kerosene fueled systems, and ease of handling and leak-management

relative to hydrogen due to more moderate cryogenic temperatures and higher molecular

weight [99, 128]. Such characteristics, amongst other benefits of methane, lend towards

potentially more affordable and reliable re-usable launch systems. Despite these benefits, the

design and optimization of liquid methane-oxygen rocket engines are considerably less mature
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than either kerosene- or hydrogen-fueled systems due to their extensive heritage. This lack

of technical maturity motivates fundamental studies of methane-oxygen rocket combustion

devices, including injectors, which serve a critical role in overall system performance and

stability.

Injector design has a significant impact on rocket engine performance because it governs the

atomization and mixing of propellants to produce stable combustion within a characteristic

axial distance and volume, while also maintaining combustor hardware durability [43].

Advancements in injector design, specifically those that enhance mixing and expand operating

conditions, enable improved rocket combustor performance thus extending mission capabilities.

For example, effective propellant mixing typically produces a shorter flame, which reduces the

required length and mass of a rocket combustion chamber, which can be traded for payload

or mission duration. Injectors that discourage combustion instabilities and maintain high-

performance operation over a wide range of conditions are attractive for engines that require

deep throttling, which can be used to optimize flight trajectories and reduce aerodynamic

stresses on launch vehicles.

Several types of injector designs have been used for liquid rocket engines, with varying

complexity and performance. Coaxial injectors (also known as "concentric-tube elements")

have demonstrated high performance and reliability over a wide range of operating conditions

due to rapid near-field mixing associated with shear-induced turbulence. Coaxial injectors

typically have a high-density inner jet (typically oxidizer) and a low-density outer jet (typically

fuel) with different relative velocities. Having an outer jet of fuel mitigates risk of hardware

damage resulting from direct contact of the oxidizer with chamber walls. This coaxial injector

type is classified into two main sub-categories: shear coaxial, where both propellants have

outlet velocities that are axial and co-linear and mixing primarily occurs through shear

associated with gradients in axial momentum, and swirl coaxial, where the flowpath geometry

generates a tangential or angular velocity component in the coaxial streams that adds radial

momentum and tangential shear that further enhance mixing. This work described in this
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chapter focuses on shear coaxial injectors and their associated mixing characteristics. It

is noteworthy that shear coaxial injectors have been used in prior liquid rocket engines

such as the Space Shuttle Main Engine (SSME) and Vulcain II main stage engine, and are

expected to play a role in next-generation methane-oxygen engines that use oxidizer-rich,

staged combustion cycles where both propellants may enter the combustion chamber in a

gaseous or supercritical state.

Optimal injector design typically relies on fundamental scaling parameters in order to

correctly size the combustion chamber and its injector element configuration. Critical design

parameters for shear coaxial injectors include fuel-oxidizer velocity ratio, momentum flux ratio,

and the recess length of the oxidizer post, with associated performance metrics including radial

diffusion or spread, axial flame length, combustion instability (frequencies and intensity), and

characteristic velocity. Here we examine propellant mixing of different injector designs using

a novel diagnostic method to measure mixing parameters. Notably, prior work has shown

that recessing the oxidizer post relative to the injection plane, which introduces a region of

pre-mixing prior to the main injection, leads to improved mixing, wider flame expansion, and

sometimes augmented combustion efficiency, albeit with such benefits often traded against

less desirable combustion stability characteristics [43, 67,83,121,125]. Kendrick et al. [67]

concluded that a recessed oxidizer post augments the momentum flux ratio by reducing the

effective outlet area of the fuel duct, thus accelerating the stream and ultimately enhancing

mixing. Quantifying such mixing benefits is important in refining injector design.

Experimental flow-field characterization efforts have utilized numerous optical diagnostic

methods to examine mixing in reacting and non-reacting coaxial jets. These optical methods

include visible high-speed imaging [101, 118, 134], chemiluminescence of combustion radicals

[67,83,118,147], particle image velocimetry (PIV) [17,119], planar laser induced fluorescence

(PLIF) [5, 40, 115,119,140], and x-ray fluorescence [12]. An established metric in analyzing

the mixing characteristics of coaxial fuel-oxidizer jets is the stoichiometric mixing length, LS

[5, 12, 115, 140]. LS is defined as the axial length between the injection plane and where a
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stoichiometric interface contour intersects the jet centerline (see Fig. 2.1). Mass entrainment

models capturing shear-induced turbulent flux across an interface of the two fluids indicate

that stoichiometric mixing lengths of variable-density, non-reacting shear coaxial jets scale

with a non-dimensional momentum flux ratio J [140]. This shear coaxial mixing model

has been corroborated experimentally using acetone PLIF [5, 115] in non-reacting coaxial

jets where conditions are favorable for such measurements. Further studies have found that

mixing lengths for reacting shear coaxial flows scale similarly with J , but were found to be

larger than their non-reacting counterparts [115]. The non-reacting studies provide critical

insight into estimating LS, but do not measure LS directly as it would be in a reacting flow

since the effects of heat release from combustion need to be accounted.

Notably, Tacina and Dahm [34, 130] used an equivalence principle method to resolve

the differences in mixing lengths values for reacting and non-reacting flows which account

for the density changes resulting from exothermic reaction. Considering this equivalence

principle, Schumaker [116] used hydroxl (OH) PLIF imaging to measure mixing lengths in

various coaxial flames, but discovered that an additional non-physical scaling factor (specific

to the propellants used) was required to reconcile the reacting and non-reacting mixing length

values. This disagreement was later determined to be an inherent byproduct of the OH

PLIF measurement technique [12]. Recently, Bennewitz et al. [12] employed a novel x-ray

fluorescence technique to measure the stoichiometric mixing length of shear coaxial flames

and concluded that the Tacina and Dahm [34, 130] equivalence principle does a good job

capturing the relation between reactive and non-reacting coaxial jet mixing. A common issue

amongst the aforementioned imaging methods is that despite their high spatial resolution

capability, they are generally more qualitative with regards to local species concentration.

Additional quantitative diagnostics are needed to measure fundamental gas properties and

characterize mixing in reacting coaxial flames to obtain a clearer understanding of how mixing

and combustion performance is affected by injector geometry.

Our research group recently developed and demonstrated a mid-infrared laser absorption
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tomography (LAT) technique that yields quantitative and spatially-resolved measurements of

temperature and species in quasi-axisymmetric reacting flows [10, 11, 113,143]. The work

presented in this chapter focuses on adapting and applying this novel optical diagnostic

technique to make planar species and temperature measurements on a single-element, shear

coaxial injector flame using gaseous methane and oxygen propellants. The chapter includes

a brief theoretical description of relevant mixing parameters as well as the laser absorption

spectroscopy method, followed by a description of the experimental test facility and optical

hardware interface. The tomographic data processing methods are then described for the

quantitative interpretation of measured spectra to obtain species and temperature profiles

in the reacting coaxial jet flame. The resulting spatially-resolved measurements are shown

to provide valuable quantitative data in a form that can be directly compared to numerical

models capturing the reacting fluid mechanics of injector design and the gas-phase kinetics of

methane-oxygen combustion. The experimental method allows for alternative mixing length

scales to be measured directly and enables a unique approximation of a flame’s stoichiometric

mixing length. In compiling the results, we evaluate the mixing effects of oxidizer post

recess length within the near-field region of a shear coaxial GCH4-GOX flame, relevant to

next-generation liquid rocket injectors.

2.2 Theory

This section offers a brief review of theory to clarify some of the terminology and nomenclature

used to describe the mixing characteristics of co-axial jets as well as the spectroscopic methods

used to extract measurements of gas properties in the associated flames.

2.2.1 Bi-coaxial mixing

The complexities of the near-field flow structure from the interaction of two coaxial jets are

illustrated in Fig. 2.1. The resulting flow-field is comprised of three zones. Zone I is the
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Figure 2.1: Near-field mixing schematic for bi-coaxial jet interaction with relevant dimensions
and mixing length scales shown.

initial mixing zone where all jets penetrate the injection plane and is bounded by the end of

the shortest potential core (unmixed fluid). This zone consists of the potential cores as well

as the inner and outer mixing layers. As the flow progresses and mixes further downstream,

the inner and outer potential cores decrease in size, whereas their corresponding mixing

layers increase in size. The inner potential core contains only the inner jet fluid and the outer

potential core contains only the outer jet fluid. Zone II is the secondary mixing zone where the

majority of the mixing occurs via mass and momentum transfer. Zone III is the fully mixed

zone which begins at the axial location where the most pronounced potential core finally

terminates. Here, the coaxial jet behaves more like a single jet and becomes fully-developed.

Injector outlet geometry, propellant properties, and flow conditions all influence the relative

lengths of the potential cores.

In this theoretical diagram, g represents the annular gap width, lw is the annular wall

thickness, df is the inner diameter of the fuel outlet, dox is the outer diameter of the oxidizer

post, and lR is the recess depth of the oxidizer post relative to the injection plane, all of
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which influence the downstream flow structure. At the interface of different propellant

streams (within the inner mixing layer), a stoichiometric contour defines the surface at which

stoichiometric diffusive flux conditions are met between the fuel and oxidizer. Recall that

the stoichiometric mixing length LS (a characteristic scaling parameter relevant to coaxial

jets) is defined as the axial termination distance of the stoichiometric contour as seen in Fig.

2.1. An effective stoichiometric mixing length LS,eff can be introduced specific to recessed

injectors that extends upstream of the injection plane and starts at the outlet of the recessed

oxidizer post, which is simply defined as:

LS,eff = LS + lR (2.1)

where LS is the traditional stoichiometric mixing length and lR is the recessed length of the

oxidizer post.

Two key non-dimensional metrics involved in the mixing processes of coaxial jets are the

outer-to-inner velocity ratio (V R) and momentum flux ratio (J), and are defined here:

V R =
uo

ui
(2.2)

J =
ρou

2
o

ρiu2
i

(2.3)

The velocity ratio directly influences the intensity of shear layer interaction between the

coaxial jets which relates to the amount of turbulent mixing that occurs, and also determines

the length of the inner potential core [109]. Momentum flux ratio serves as an important

additional factor in turbulent mixing intensity and radial spread, further accounting for

differences in fluid density. A well-designed shear coaxial injector element should target

off-unity velocity ratio and momentum flux ratio to enhance turbulent mixing between

propellant jets.

While the aforementioned parameters and theoretical model provide a framework to
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understand coaxial injector mixing, experiments that directly measure mixing length scales

are required to validate the relationship between mixing lengths and velocity or momentum

ratios for a given fuel-oxidizer combination and injector geometry. In this work, a laser

absorption tomography technique is implemented that targets the nascent carbon monoxide

(CO) present in coaxial methane-oxygen flames in order to infer a stoichiometric contour

from species and temperature measurements to approximate mixing length scales, LS, for

coaxial injector geometries with varying oxidizer post recess depth.

2.2.2 Laser absorption tomography

Laser absorption spectroscopy (LAS) is a non-intrusive optical diagnostic technique that

exploits the resonance of coherent light with the differences between quantum energy states

of specific molecules, typically those with intrinsic dipole moments. LAS permits in-situ,

quantitative measurements of species-specific physical gas properties within high-temperature

gas flows. A brief overview of the fundamentals of LAS is provided here, while a more

comprehensive review can be found in [51].

The change in energy associated with quantum state transitions assigns molecules their

unique spectral fingerprints (i.e., lines). For a given spectral absorption line or set of lines,

the Beer-Lambert law relates the attenuation of light intensity, or spectral absorbance, α(ν),

to thermochemical gas properties. For a non-uniform flow field, this is expressed as:

α(ν) = − ln

(
It

I0

)
ν

=

∫ L

0

∑
j

PSj(T (l))X(l)ϕj(ν)dl
(2.4)

Here, I0 and It are the incident and transmitted light intensities, respectively, at a specific

wavelength or frequency, ν [cm−1]. L [cm] is the aggregate absorbing path length, and P [atm]

is the total pressure. Sj(T (l)) [cm−2/atm] is the linestrength of rovibrational transition,
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j, which is a function of temperature, T (l) [K]. X(l) is the mole fraction of the absorbing

species, and ϕj(ν) [cm] is the line-shape function. It should be noted that this expression is

a line-of-sight integral over an optical path length with non-uniformity in temperature and

species along the spatial dimension l.

For line-of-sight measurements of axisymmetric property distributions, tomographic de-

convolution methods can be applied. The practice of utilizing laser absorption spectroscopy in

combination with tomography is referred to as laser absorption tomography (LAT). Assuming

an azimuthally symmetric flow field distribution, a tomographic reconstruction technique

known as onion peeling can be employed [35]. The line-of-sight and spectrally-integrated

absorption area, Aproj(x), can then be related to the radially-resolved form of the integrated

spectral absorption coefficient, K(r) [cm−2]. This relationship is described by Eq. 2.5:

Aproj(x) =

∫ ∞

−∞
α(ν)dν

=

∫ L(x)

0

K(l)dl = 2

∫ R

x

K(r)r√
r2 − x2

dr

=

∫ L(x)

0

∑
j

PSj(T (r))X(r)dr

(2.5)

In Eq. 2.5, L(x) [cm] is the absorbing path length at position x, from the axis of symmetry.

The radial distribution of temperature T (r) and species mole fraction X(r) are embedded in

K(r), which can be determined from Aproj(x). As previously stated, this approach assumes

an axisymmetric flow field, which is expected in the near-field region of a shear coaxial

flame with sufficient time-averaging. A Voigt line shape function is used to fit the measured

absorbance, α(ν), and obtain the projected absorbance area, Aproj(x) [cm−1], thus eliminating

the dependence on spectral line shape.

T (r) is obtained by measuring two spectral absorption features of the same species and

taking the ratio between the two (radially-resolved) integrated spectral absorption coefficients,

K1(r) and K2(r). This approach eliminates the dependence on pressure and mole fraction,
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such that T (r) can be inferred from an aggregated linestrength ratio, as shown in Eq. 2.6:

R(r) =
Ki(r)

Kj(r)
=

∑
i Si(T (r))∑
j Sj(T (r))

= f(T (r)) (2.6)

Linestrength values, S(T (r)), and their corresponding uncertainties are known for each

transition and are obtained from spectroscopic databases (HITRAN [46] and HITEMP

[110]). Given the measured temperature distribution found from Eq. 2.6, along with a known

pressure, Eq. 2.7 shows that the mole fraction distribution of the absorbing species, X(r),

can be determined from the spectral absorption coefficient, K(r):

X(r) =
K1(r)∑

i PSi(T (r))
=

K2(r)∑
j PSj(T (r))

(2.7)

This procedure can be carried out across multiple parallel planes over a range of axial lengths,

ultimately enabling quantitative two-dimensional imaging of gas properties within the plume

of a propulsion-relevant flame [11,113,143,144].

It can be noted that line pairs with a large difference in lower state energy, ∆E ′′, are

desirable for sensitive thermometry, correlating to absorption transitions with very different

temperature dependence over the dynamic range of interest. To achieve the desired sensitivity,

we examine the linestrength ratio, R(r), for a pair of transitions to ensure that it varies

significantly with temperature, T . The specific lines chosen for this study are shown in

Fig. 2.2 at a representative combustion condition [11].

Carbon monoxide (CO) is targeted for LAT measurements due to its natural abundance

in hydrocarbon flames and strong vibrational absorption in the infrared. CO is abundant

in methane-oxygen flames because it is a stable combustion intermediate and precursor to

carbon dioxide (CO2). At fuel-rich conditions, CO is a significant product species. The CO

rovibrational transitions that occur in the mid-infrared regime at ν = 2008.421 and 2008.525

cm−1 (denoted as Line A and Line B, respectively) are a well-established line-pair used for
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sensitive temperature and species measurements in combustion gases [11, 74,113,144]. This

CO line-pair avoids cross-species interference with other species present in the gas medium

and the linestrength ratio R(r) of these two transitions varies considerably with temperature

T , which is related to the pair’s large difference in lower state energy ∆E ′′. This temperature

sensitivity can be approximated as:

∣∣∣∣dR/R

dT/T

∣∣∣∣ ≈ (hc

kB

)
|∆E ′′|
T

(2.8)

where h [J·s] is Planck’s constant, c [cm/s] is the speed of light, and kB [J/K] is the Boltzmann

constant. Eq. 2.8 shows that sensitive thermometry requires line-pairs with a large ∆E ′′.

Table 2.1 contains important spectroscopic parameters specific to the targeted ro-vibrational

transitions of CO, and Fig. 2.2 shows an example absorbance spectra and linestrengths for

conditions relevant to the methane-oxygen combustion associated with the coaxial flame

experiment.

Table 2.1: Carbon monoxide rovibrational transitions selected for the methane-oxygen
combustion experiment. Values are taken from HITEMP 2010 [110].

Line Transition Frequency Wavelength E ′′ S(T = 296 K)
(ν ′′,J ′′) [cm−1] [nm] [cm−1] [cm−1/(molec·cm−2)]

A P(2,20) 2008.421 4979.04 5051.74 1.149 × 10−28

B P(0,31) 2008.525 4978.78 1901.13 2.669 × 10−22

2.3 Methods

This section describes the test hardware, optical interface, testing procedure, and data-

processing workflow for the shear coaxial combustion experiments using gaseous methane

(GCH4) and gaseous oxygen (GOX) as propellants. Single-element injectors are tested over a

set of steady-state flow conditions within an atmospheric burner. Mixing length scales and

species/temperature distributions are quantified for a variety of shear coaxial injector designs
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Figure 2.2: Simulated absorbance spectra [45] for relevant ro-vibrational transitions of
carbon-monoxide at 3000 K and 1 atm with a pathlength of 0.4 cm.

using the laser absorption tomography technique which targets the CO present within the

reacting flow-field.

2.3.1 Test hardware

Three shear coaxial injector designs with various oxidizer post recess depths, denoted A, B,

and C, were tested in this study. Injector A was non-recessed and represents the baseline

geometry with the oxidizer post flush with the injection plane. Injector B and C have oxidizer

posts recessed by 4 mm (lR/dox = 0.7) and 9.5 mm (lR/dox = 1.7), respectively. All other

critical dimensions, such as the oxidizer post outer diameter dox, wall thickness lw, and the fuel

annulus outer diameter df remain the same, and are specified in Table 2.2 with nomenclature

defined in Fig. 2.1. The fuel-to-oxidizer area ratio, AR, is 0.75 for all three coaxial injectors

of interest. As shown in Fig. 2.4, a single injector element consists of an oxidizer post and a

fuel sleeve, installed inside a housing assembly for testing. Positioned at the injection plane

is an N2 co-flow plate with a total of 432 1/32" diameter holes where coaxial flow of gaseous

nitrogen is used to mitigate the effects of entrainment and fuel reacting with the atmospheric
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Figure 2.3: The three traditionally-manufactured shear bi-coaxial injectors with variable
recess lengths.

oxygen within the near-field region of the flame.

Gaseous methane, oxygen, and nitrogen are supplied at constant flow rates using mass-flow

controllers (MKS ALTA 0-200 slm with MKS 647C multi gas controller) at a target oxidizer-

to-fuel (O/F) ratio of 3.0 and a target dilution ratio (N/O) of 3.0. O/F is defined by the

oxidizer-to-fuel ratio of flow rates as shown in Eq. 2.9, with O/F = 4.0 being the stoichiometric

condition for methane-oxygen combustion, and N/O is defined by the nitrogen-to-oxidizer

ratio of flow rates as shown in Eq. 2.10.

O/F =
ṁox

ṁf
(2.9)

N/O =
ṁN2

ṁox
(2.10)

Total propellant mass flow rate (0.350 g/s) is defined by the sum of the mass flow rates of

the oxidizer (0.265 g/s) and the fuel (0.089 g/s). These flow rates were chosen because they

consistently produced a steady, stable, axisymmetric flame at relevant fuel-rich conditions

for rocket combustion. Flow conditions were held constant for each test and can be seen in

Table 2.3.
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Table 2.2: Bi-coaxial injector dimension call-out.
Metric Value Units
AR 0.75
dox 5.60 [mm]
df 6.50 [mm]
lw 0.90 [mm]
g 0.45 [mm]

lR (Inj. A) 0 [mm]
lR (Inj. B) 4 [mm]
lR (Inj. C) 9.5 [mm]

Table 2.3: Flow conditions used for each test. Velocity ratio V R and momentum flux ratio
J are both defined by fuel-to-oxidizer.

Metric Value Units
ṁtot 0.350 [g/s]
ṁox 0.265 [g/s]
ṁf 0.089 [g/s]
O/F 3.0
N/O 3.0
V R 0.86
J 0.38

Figure 2.4: Cross-sectional view of the injector housing assembly.
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Figure 2.5: Schematic of shear coaxial combustion experiment with optical interface. Top
right : Two-dimensional experimental domain, and bottom left : typical detector intensity
signal showing absorption lines.

2.3.2 Optical interface

A schematic of the experimental setup and relevant optical hardware is shown in Fig. 2.5. A

quantum cascade laser (QCL) with a wavelength centered near 4979 nm and output power of

∼70 mW was used to target the rovibrational transitions of CO shown in Table 2.1. Spatial

resolution in the radial direction was maximized by using a long focal length mirror (f =

250 mm) to reduce the laser’s beam waist down to ∼0.5 mm over the region of interest. A

second focusing mirror with identical focal length was used to re-collimate the beam. The

transmitted laser light passed through two irises and a spectral filter (4960 ± 148 nm) to

mitigate emission effects, followed by a CaF2 plano-convex lens to focus the beam onto a

thermo-electrically cooled, DC-coupled photovoltaic (PV) detector (VIGO PVI-4TE-6-1x1).

The injector housing assembly was mounted on a Newport IMS300V 2-DOF motorized

translation stage capable of both horizontal and vertical translation at user-specified velocities

and positions using a Newport ESP301 motion controller. All optical hardware was fixed to
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an optical table and remained stationary during testing. The lower bound of the experimental

domain is represented by the injection plane (z ≈ 0 mm), while the upper bound of the

experimental domain is an axial distance just before entrainment begins to interfere with the

measurement, z ≈ 57.2 mm.

2.3.3 Experimental procedure

A scanned-wavelength direct absorption spectroscopy method was used to resolve the target

absorption transitions, with spatial resolution achieved via translation of the injector rig

as mentioned. The wavelength of the QCL was modulated by applying a 2 kHz sawtooth

waveform to its injection current. Additionally, the laser was scanned below its lasing

threshold to measure and correct for thermal emission, while the background was scaled to

the non-absorbing regions to account for beam steering. Data from the PV detector (in the

form of raw voltages) was recorded on a Picoscope 4824A oscilloscope at a sample rate of 1

MHz. Propellant and nitrogen flow rates were set on the mass flow controllers and monitored

throughout each test run to ensure steady-state operation.

Planar measurements were taken for a total of 16 axial flame heights for each of the

three injector geometries. The first 13 planar measurements were recorded with a difference

in axial position ∆z of ∼3.2 mm, whereas the remaining 3 were recorded with a ∆z of

∼6.4 mm. As a result, the first ∼57.2 mm of the flow-field is resolved in two dimensions.

Due to the divergent nature of the flame, experimental settings such as translation velocity,

horizontal measurement range, test time, and number of averaged scans varied depending

on the corresponding height in order to capture quasi-steady radial spatial resolution such

that the steep gradients of temperature and CO concentration could be resolved within the

near-field region.

The total number of spectral scans per planar measurement was a result of the laser

scan rate (2 kHz) and the test or translation time (20 seconds for height slices 1 through
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Table 2.4: LAT experimental settings applied to each injector.
zi Height xrange vx tm Total Scans ∆r

[mm] [mm] [mm/s] [s] scans averaged [mm]
z1 0 10 0.5 20 40,000 800 0.2
z2 3.2 20 1.0 20 40,000 400 0.2
z3 6.4 20 1.0 20 40,000 400 0.2
z4 9.5 20 1.0 20 40,000 400 0.2
z5 12.7 40 0.8 50 100,000 500 0.2
z6 15.9 40 0.8 50 100,000 500 0.2
z7 19.1 40 0.8 50 100,000 500 0.2
z8 22.2 40 0.8 50 100,000 500 0.2
z9 25.4 40 0.8 50 100,000 500 0.2
z10 28.6 40 0.8 50 100,000 500 0.2
z11 31.8 40 0.8 50 100,000 500 0.2
z12 34.9 40 0.8 50 100,000 500 0.2
z13 38.1 40 0.8 50 100,000 500 0.2
z14 44.5 50 1.0 50 100,000 400 0.2
z15 50.8 80 1.6 50 100,000 250 0.2
z16 57.2 80 1.6 50 100,000 250 0.2

4, and 50 seconds for slices 5 through 16). Therefore, a 20 second test resulted in 40,000

total spectral scans and a 50 second test resulted in 100,000 total scans. The absorbance was

then calculated via the Beer-Lambert Law (Eq. 2.4) for each scan. Although the near-field

region of the flame is approximated to be steady-state, it is actually turbulent on small

scales throughout and therefore requires that the absorbance of every few hundred scans

be averaged. The number of scans averaged for each slice is dependent on the translation

velocity, vx, and is chosen such that the radial integration, ∆r, is 0.2 mm and so that minimal

time-dependent variation is observed. We note that the beam size will ultimately limit radial

resolution to around 0.5 mm, and thus these methods preserve that resolution. Table 2.4

specifies the horizontal measurement range xrange, constant horizontal translation velocity vx,

test duration tm, number of scans averaged, and the resulting spatial integration in the radial

direction ∆r for each axial plane zi.
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2.3.4 Spectroscopic data processing

This subsection outlines the procedure involved in converting line-of-sight integrated ab-

sorption data to radially-resolved profiles of the integrated spectral absorption coefficient

K(r) from a one-dimensional radial inversion scheme. By assuming an axisymmetric flame,

temperature and CO mole fraction distributions can be recovered from K(r) at each axial

position enabling a two-dimensional flow-field reconstruction of thermochemical properties.

Fig. 2.6 illustrates the main steps of the data processing workflow for planar thermometry

measurements at a representative axial position. The measured absorbance α(ν) was obtained

through Eq. 2.4 using the incident and transmitted light intensities. A Voigt line-shape

function was least-squares fit to the target lines within the absorbance spectra. The absorbance

results were averaged as described (specific to each axial position, denoted in Table 2.4)

before calculating the projected absorbance areas, Aproj(x), through Eq. 2.5. As seen in Fig.

2.6, the fractional residuals from Voigt fitting were typically less than ±1.5% for the targeted

CO line pair. Motorized translation of the injector test article enabled spatially-resolved

measurements, plotted here as a function of distance x from the center axis (x = 0 mm).

The position x is obtained by multiplying translation stage speed vx by the time instant.

Figure 2.6: LAT data processing workflow for a representative axial position. From left-
-to-right) Measured CO absorbance with a Voigt line-shape fit of averaged scans, Aproj

versus distance x from the center axis of the injector element, radially-resolved K(r) from
onion-peeling method, and the resulting temperature and CO mole fraction distributions.
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Aproj(x) measurements across the entire flame were mirrored and averaged about the injectors’

center axis to verify an axisymmetric flow-field (see Fig. 2 in [11]). Thereafter, a Tikhonov-

regularized inversion method [35] (i.e., onion-peeling) was implemented to transform the

Aproj(x) distributions into radially-resolved profiles of the integrated absorption coefficient

K(r). Temperature was extracted from each radial K(r) value through Eq. 2.6, and

subsequently, CO mole fraction was determined from Eq. 2.7 to obtain the complete

radially-resolved thermochemical flame structure. The onion-peeling method was chosen over

alternative inversion methods, such as 2-pt and 3-pt Abel inversion [35], as it was shown to

minimize the need for regularization or smoothing and therefore provided good resolution of

the steep gradients of gas properties associated with the reacting coaxial flow-field in this

experiment. The total localized uncertainty for each point i in K(r) can be approximated as:

δK(ri) =
Ni

∆r
ξi (2.11)

where Ni is the local error in the projected absorbance area data Aproj(x), ∆r is the radial

spatial resolution, and ξi is the noise coefficient specific to the deconvolution method at data

point i. The reader should refer to Appendix A (Sec. 2.5.1) for a more detailed review of the

onion-peeling inversion method and the corresponding uncertainty, which is translated to

error bars in subsequent plots.

It is important to note a few additional details and assumptions pertaining to LAT

data processing. When fitting the spectra, the temperature was first set to a guessed value

that aligned with an estimate predicted by chemical equilibrium. The Doppler width ∆νD,

collisional width ∆νC , and the projected line-of-sight area Aproj(x) were set as free parameters

and solved using the initial temperature estimate. Once Aproj(x) was found, Eq. 2.6 was

used to calculate the new temperature value using the aforementioned two-line thermometry

technique. An updated Doppler width was determined from this new temperature. These

steps were iteratively repeated until a convergence criterion was satisfied, which required the
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temperature residual to fall below 0.1 K.

A sufficient signal-to-noise ratio (SNR) on the measured absorbance spectra is required

to determine thermochemical properties. Absorbance SNR is dependent on several factors –

particularly the mole fraction of CO and the temperature of the CO molecules present in the

beam path. As seen in the Beer-Lambert Law (Eq. 2.4), absorbance is directly proportional

to mole fraction, as well as each transition’s linestrength (which is temperature dependent).

The thresholds determined to produce an adequate SNR for confident thermochemical

measurements was a CO concentration of 1%, and a minimum CO temperature of 1000 K.

Henceforth, results in regions within the measured flow-field that had an insufficient amount

CO present, or regions that were too cold, are omitted. As seen in Fig. 2.1, the inner potential

core of the flow-field is cold gaseous oxygen, therefore it should be expected that temperature

and mole-fraction cannot be measured in the core of the flame.

2.4 Results & Discussion

Quantitative, planar measurements of gas properties were collected for each injector at

various axial distances and used to assess how oxidizer post recess depths influence mixing

length scales. Data were recorded at 16 different axial positions which captured the first 2.25

inches of the reacting flow-field for each injector. The 16 planar measurements were then

combined to create 2D images to depict how temperature and CO mole fraction spatially

evolve throughout each flame. Mixing length scales are derived from the data, highlighting

mixing characteristics associated with differences in injector design.

2.4.1 Planar thermochemical measurements

Temperature and CO mole fraction radial profiles were measured at varying axial positions

along the flame, indicating the reacting flow evolution. Fig. 2.7 displays how temperature and

CO concentration evolve in both the radial and axial directions for the non-recessed baseline
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Figure 2.7: Radially-resolved thermochemical results for non-recessed nominal injector A.
Temperature (left) and CO mole fraction (right) distribution shown for multiple height slices.

injector (injector A). Note that the center of the axisymmetric flame is denoted by r = 0 mm.

Recall that temperature and CO mole fraction measurements can only be made when 1) a

sufficient amount of CO is present within the flow-field, and 2) the temperature along the

line-of-sight is within a specific range where each targeted transition produces a sufficiently

high linestrength. Due to the nature of shear coaxial injector elements, an oxidizer-rich

(inner potential) core prohibits thermochemical measurements within this narrow region.

A shortened oxidizer-rich core is associated with less data missing from the center of the

flow-field, and typically indicates enhanced mixing and a reduction in the stoichiometric

mixing length.

Variation in combustion temperatures depends on the local ratio between the oxidizer

and fuel (O/F ratio). Fig. 2.8 shows how temperature varies with the O/F ratio for

methane/oxygen combustion at one atmosphere. Using the NASA Chemical Equilibrium

with Applications (CEA) solver [47], the stoichiometric flame temperature for an atmospheric

methane/oxygen reaction is predicted to be Teq,stoich ≃ 3050 K, whereas the maximum equi-

librium temperature is predicted to be Teq,max ≃ 3060 K at a slightly fuel-rich condition.
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Figure 2.8: Equilibrium temperature versus O/F ratio for methane/oxygen combustion at 1
atm. Values determined by NASA Chemical Equilibrium Solver [47].

The stoichiometric temperature is plotted alongside measured temperatures in Fig. 2.7 for

reference. Despite the global O/F ratio determined by the pre-established flow conditions

(Table 2.3), a steep gradient of O/F fluxes exists within the interface region of the oxidizer

and fuel jets. Therefore, the localized O/F ranges from oxidizer-rich (O/F > 4) towards the

center of the injector element (r = 0 mm), to fuel-rich (O/F < 4) towards the exterior of the

annular fuel gap of the injector element, at longer radial distances. Diffusion and mixing of

the combustion products with the relative cold nitrogen co-flow also leads to a reduction in

CO mole fraction and temperature at increasing radial position. The stoichiometric condition

can be approximated as occurring within near where the coaxial flame temperature peaks.

Notably, the predicted value for equilibrium temperature at stoichiometric conditions (at one

atmosphere) demonstrates good agreement with the local maxima of the radially-resolved

temperature distributions for each axial plane, as depicted in Fig. 2.7.

Planar thermochemical results are compared between the three injectors of interest

at four representative axial planes in Fig. 2.9 to highlight differences in each injector’s

thermochemical spatial evolution. The magnitudes and corresponding radial locations of peak

temperature and peak CO mole fraction indicate that oxidizer post recess directly affects the
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Figure 2.9: Comparison of radially-resolved temperature and CO mole fraction distributions
at various axial positions shown for all three injectors.

mixing characteristics of the reacting flow-field. Most noticeably, injector C (lR/dox = 1.7)

demonstrates significantly different temperature and CO mole fraction profiles than those of

injectors A and B. At the immediate outlet of the injector (i.e., the injection plane, z1 = 0

mm), the temperature profiles for the three injectors appear very similar and peak values

agree well with the predicted equilibrium temperatures. As the reacting flow progresses

downstream, the radial position of the peak temperature value for injector C visibly shifts

towards the center of the flame (r = 0 mm), whereas injectors A and B share similar peak

temperature locations (2 mm < r < 4 mm) within the first 40 mm downstream. Additionally,

the magnitude of the peak temperature value begins to decrease further downstream in the

flame as recess is increased. This drop in maximum temperature is associated with an increase

in radial diffusion of combustion products with the co-flow. This is most obvious for injector

C, but is also subtly apparent with injector B at higher axial positions (i.e., z13 in Fig. 2.9).

Regarding CO mole fraction profiles, injector C shows a ∼35% higher peak concentration

of CO at the injection plane with mole fractions of 0.148, 0.150, and 0.205 for injectors A, B,
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and C, respectively. This likely indicates greater combustion progress for injector C associated

with greater pre-mixing prior to propellants reaching this first measurement plane. We note

that the first measurement plane, while referenced as z = 0 mm datum, spatially integrates

the first 0.5 mm of axial height above the burner (associated with the laser beam size). It is

notable that significant combustion progress occurs for all injectors within this short distance

from the injector face. Injector C further demonstrates a wider radial distribution of CO

compared to injectors A and B. However, with greater recess, the magnitudes of the peak

CO mole fraction decline at a faster rate as the flow progresses downstream associated with

increased radial diffusion with the co-flow and potentially some increased chemical kinetic

progress towards carbon dioxide relative to the other injectors. Additional evidence that

increased recess yields higher radial diffusion can be clearly seen by the wider radial spread of

CO. Mixing length scales such as CO radial mixing and diffusion are quantified and discussed

more in depth in Sec. 2.4.3.

2.4.2 Spatially-resolved thermochemical images

Planar measurements from all 16 axial positions were compiled to form two-dimensional

images of both temperature and CO mole fraction. Fig. 2.10 shows the thermochemical

structure for each each injector considered, with temperature on the left r-z plane of symmetry

and CO mole fraction on the right r-z plane. The 2D images are not smoothed to highlight

spatial resolution in the axial direction. As previously mentioned, spectroscopic measurements

cannot be made within the oxygen-rich core where there is an insufficient amount of CO

present, and thus this domain appears as gray in the temperature images (or dark blue in

the XCO images).

A flame expansion angle θ, is used to characterize the radial diffusion of the non-premixed

coaxial flame driven by turbulent mixing. Here, it is defined by the radial position of the

outer boundary where the CO mole fraction is equal to XCO = 0.05 for each axial position
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Figure 2.10: Two-dimensional images of thermochemical flow-field reconstruction enabled by
laser absorption tomography. Temperature and CO mole fraction contour plots are shown for
all three injectors. Inferred stoichiometric contours are outlined by black dashed lines.

within the first inch (∼25 mm) of each flame. This produces a linear trend across the planar

measurements at different axial positions and enables an expansion angle to be measured for

each flame. Each flame expansion angle value is normalized by the non-recessed injector (θA)

and are specified in Table 2.5 and highlighted in 2.10. Injector B and C had a 30% and 80%

larger flame expansion angle compared to the flush injector A. Greater oxidizer post recess

demonstrated a wider flame expansion as a result of increased pre-mixing in the recess volume

where radial expansion is initially constrained before entering the larger unconstrained co-flow

domain.

Despite injectors B and C both being recessed, (lR/dox = 0.7 and 1.7, respectively), injector

B more closely aligns with the thermochemical distributions of the non-recessed injector

(A). Aside from a slight increase in flame expansion, differences between the thermochemical
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Table 2.5: Normalized relative flame expansion angles calculated for each injector’s flow-field.
Injector θ/θA

A 1
B 1.3
C 1.8

images of injector A and B are subtle. Within the first 30 mm of the flow-field, injector B

shows a marginally higher concentration of CO than injector A, ranging from only 3% to

23% higher when comparing corresponding planes. Additionally, injectors A and B have

very similar temperature distributions, which is most apparent in the axial evolution of the

radial positions of the peak temperatures which remain close to predicted peak equilibrium

temperature of this reaction (Teq,stoich ≃ 3050 K). Further downstream (z > 30 mm), injector

B’s peak temperature value begins to decrease below Teq,stoich, likely due to the slight increase

in radial diffusion from a moderately recessed oxidizer post.

By contrast, injector C’s thermochemical structure is distinctly different than that of

injectors A and B. At the injection plane, CO mole fraction is significantly higher, indicative

of rapid combustion progress in the radially confined recess volume, but then radially diffuses

more quickly as the flow progresses downstream. Unlike injector A and B, an acceptable

amount of CO and temperature is found in the core of the flame (r = 0 mm) for downstream

axial positions of z > ∼30 mm, thus this domain can be resolved in the thermochemical

images. Again, the presence of CO in the flame core further upstream for injector C reflects

earlier initial mixing and combustion before radial diffusion associated with downstream

turbulent mixing.

2.4.3 Mixing length scales

To further compare and quantitatively assess mixing characteristics between each injector, it

is of interest to define mixing length scales (in addition and related to the flame expansion

angle) based off of the quantitative species and temperature measurements obtained via laser
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absorption tomography. Here, we define a radial mixing width, rω, by finding the total radial

domain wherein XCO ≥ 0.05 at a given axial position downstream. For example, Fig. 2.7

shows radially-resolved CO mole fraction for Injector A. For height z11, XCO ≥ 0.05 from

r = 3.0 to 6.8 mm; therefore, rω at z15 is 3.8 mm for Injector A (also illustrated in Fig. 2.10).

This radial mixing length scale is similar to the flame brush width, defined quantitatively

here by the CO mole fraction profile. rω is calculated for each axial position, normalized by

the oxidizer post outer diameter (dox = 5.6 mm), and then plotted in Fig. 2.11. CO radial

mixing width is a mixing metric representative of the amount of radial diffusion of CO in a

coaxial flame, which accounts for diffusion inward towards the core and outwards towards

the co-flow. Larger values of rω signify enhanced mixing, which is exhibited with increased

injector recess lengths. As an alternative species-diffusion metric, the local XCO maxima

for each planar measurement can normalized by the global XCO maximum over the entire

flow-field (see Fig. 2.12). As demonstrated, injector C, which has the highest recess length,

renders a much steeper reduction in XCO,max over the length of the flow-field, indicative of

increased mixing. Both radial mixing metrics indicate a similar order of mixing between the

injector designs.

Lastly, we can examine the stoichiometric contour and mixing length as previously defined,

with the associated dependence on oxidizer post recess. In the two-dimensional temperature

contour plots presented in Fig. 2.10, the stoichiometric contour of each flame can be outlined

by the axial and radial evolution of the maximum temperature throughout the flow-field,

and is highlighted by a black dashed line. The radial position of Tmax is identified for each

planar measurement and the resulting stoichiometric contours are illustrated in Fig. 2.13

corresponding to each of the three injectors. As depicted in Fig. 2.1, the stoichiometric

contour is expected to collapse back inwards towards the center axis of the coaxial flow,

which is fully demonstrated by injector C in Fig. 2.13. Therefore, the effective stoichiometric

mixing length for a reacting coaxial flow-field can be directly approximated by using this

thermochemical tomography technique if the stoichiometric contour is fully captured. The
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Figure 2.11: Axial length versus CO radial mixing length. Both axes are normalized by the
oxidizer post outer diameter.

measurement domain of this experiment was restricted to just 57.2 mm due to the entrainment

issues seen at higher planar measurements, thus the stoichiometric contours for injectors

A and B were not completely obtained. However, the stoichiometric contours for injectors

A and B still provide insight as to relative mixing performance over the domain examined,

while the stoichiometric contour of injector C appears to be fully captured. As a result, the

stoichiometric mixing length for injector C was determined to be approximately 5.7 oxidizer

post diameters and its effective stoichiometric mixing length being 7.4 oxidizer post diameters.

Notably, the stoichiometric contours of injectors A and B appear quite similar, suggesting

the slight oxidizer post recess of injector B does not cause a significant reduction in mixing

length scales or expected flame length especially in light of such substantial reduction in flame
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Figure 2.12: Maximum CO mole fraction (normalized by the overall maximum CO mole
fraction for each injector) versus axial length (normalized by the oxidizer post outer diameter).

Figure 2.13: Stoichiometric contours that manifest from axial position versus radial position
of peak temperature for each planar measurement. Both axes are normalized by the oxidizer
post outer diameter.

length observed with injector C. This supports the conclusion that a threshold characteristic

oxidizer post recess depth is required to induce substantial pre-mixing and overall shortening

of the combustion zone. This characteristic value very likely is determined by the recess
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depth required for the inner mixing zone to intersect with the fuel path outer boundary before

entering the larger combustion volume. Stoichiometric mixing length values are presented in

Table 2.6.

Table 2.6: Measured values of each injector’s effective stoichiometric mixing length.
Injector LS lR LS,eff

[dox] [dox] [dox]
A >10.2 0 >10.2
B >10.2 0.7 >10.9
C 5.7 1.7 7.4

2.5 Measurement uncertainty

For the quantitative species and temperature measurements, a detailed uncertainty analysis

was performed consistent with the prior work of Wei et al. [144]. A Taylor series method of

uncertainty propagation from spectral properties (e.g., linestrength) and experimental noise

sources was used to estimate potential error within a 95% confidence interval. Uncertainty

factors associated with the onion-peeling tomographic deconvolution methods were also

calculated by the process outlined in [35] which accounts for the influence of data spacing and

the noise from projected absorbance area, and is described in the next section 2.5.1. Total

uncertainties for the thermochemical measurements presented here demonstrated a range,

with values typically between ∆XCO ≈ 0.002–0.02 and ∆T ≈ 30–200 K, represented by the

error bars in Fig. 2.9, with the higher error values appearing closer to the core of the flame

or near oxidizer-rich regions.

2.5.1 Onion-peeling uncertainty analysis

The onion-peeling radial deconvolution method has an inherent noise that manifests as a

result of the tomographic inversion technique. This section outlines how the noise from the

onion-peeling method is determined and accounted for in the uncertainty calculation on the
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radially-resolved form of the integrated spectral absorption coefficient K(r) [35].

It is assumed that the line-of-sight projected absorbance area data Aproj(x) are recorded

with a narrow beam at equidistant spacing ∆r. As a result, the deconvolution method is

expressed as a linear operator coefficient Dij, and is independent of data spacing ∆r. Each

inversion method has its own Dij and only needs to be calculated once. The radially-resolved

field distribution K(r) can then be related to the projected field data Aproj(x) by:

K(ri) =
1

∆r

∞∑
j=0

DijAproj(xj) (2.12)

where ri = i∆r is the radial distance from the center of the field (r = 0).

The onion-peeling method estimates the field can be represented as concentric homogeneous

rings between rj-∆r/2 and rj+∆r/2 for each data point rj, resulting in the projection data

being:

Aproj(xi) = ∆r
∞∑
j=i

WijK(rj) (2.13)

where

Wij =


0 j < i

[(2j + 1)2 − 4i2]1/2 j = i

[(2j + 1)2 − 4i2]1/2 − [(2j − 1)2 − 4i2]1/2 j > i

(2.14)

Eq. 2.13 is more easily expressed in the deconvolution matrix form as seen in Eq. 2.12 in

terms of the linear operator coefficient Dij, therefore:

Dij = (W−1)ij (2.15)

An intrinsic noise coefficient ξi (originally seen in Eq. 2.11) of the resulting radially-resolved

field distribution is dependent on Dij and is therefore specific to the inversion method being
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used. The noise coefficient is determined by:

ξi =

(
∞∑
j=0

D2
ij

)1/2

(2.16)

Therefore, Eq. 2.11 can be rewritten, and the uncertainty that manifests from the onion-

peeling deconvolution method is:

δK(ri) =
Ni

∆r

(
∞∑
j=0

D2
ij

)1/2

(2.17)

where Ni is the local error in the projected absorbance area data Aproj(x) and ∆r is the

radial spatial resolution.

2.6 Chapter summary

In the study covered in this chapter, a novel optical diagnostic technique was utilized to

assess mixing characteristics within the near-field region of various shear coaxial flames using

gaseous methane and oxygen. Quantitative, spatially-resolved measurements of temperature

and carbon-monoxide mole fraction were directly obtained using laser absorption spectroscopy

coupled with tomographic deconvolution methods. Two-dimensional thermochemical property

distributions were measured for three shear coaxial injector geometries with oxidizer post

recess lengths of lR/dox = 0, 0.7, and 1.7 at a similar flow condition. The enhanced mixing

effects of a recessed oxidizer post are readily observed in the most recessed (lR/dox = 1.7),

which showed a wider flame brush, shorter flame length (measured by a stoichiometric contour)

and increased radial diffusion of carbon monoxide and temperature – all indicative of enhanced

mixing. Although injector B was moderately recessed, its radially-resolved distributions of

temperature and CO mole fraction more closely aligned with non-recessed injector A, likely

indicating that the modest recess avoids impingement of the inner mixing zone with the
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outer diameter of the fuel flow path at the injector face. These finding are consistent with

previous studies that have investigated variable recess depths of shear coaxial injectors which

indicate that enhanced mixing effects of injector recess are not usually evident until some

characteristic recess depth is achieved [67,121,148]. To the authors’ knowledge, this work

demonstrates the first use of laser absorption tomography to assess mixing characteristics of

various shear coaxial rocket injector geometries. As such, this work provides quantitative data

on methane-oxygen combustion which can be directly compared to numerical simulations of

similar injector geometries and associated flames. This experimental approach and diagnostic

technique can be extended to other flow conditions and used on a variety of coaxial injector

geometries and for different hydrocarbon-based fuels which can inform injector design for

liquid rocket engines.
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CHAPTER 3

Additively-manufactured shear tri-coaxial rocket injector

mixing and combustion characteristics

The contents of this chapter have been published in Aerospace Science and Technology

under the full title "Additively-manufactured shear tri-coaxial rocket injector mixing and

combustion characteristics" [64].

3.1 Introduction

Additive manufacturing (AM) with high-performance metal alloys is revolutionizing combus-

tion device design and development [48]. AM enables rapid prototyping and testing of complex

components, significantly reduces part count, and eliminates production process steps. In

combination, these benefits can ultimately lower the cost and time required to introduce and

mature new component designs. Beyond such practical advantages, AM also provides a more

flexible design space, permitting the fabrication of sophisticated three-dimensional geometries

and a new means to tailor fluid dynamics of combustion devices to maximize performance.

Liquid-propellant rocket injectors have a particularly high potential for advancement from

AM-enabled features. Specifically, additively-manufactured injectors can dramatically re-

duce part counts and implement complex fluid passageways that decrease injector forward

pressure-drop, increase back-flow resistance, and enhance propellant mixing [48,63,93,131].

Modern liquid bipropellant rocket injectors are commonly comprised of a multitude of

individual injector elements each responsible for effectively delivering and mixing fuel and
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oxidizer streams to facilitate stable combustion over a range of pressures for throttling and

within a reasonably short distance to minimize combustor size. Advancements that enhance

mixing and expand operating conditions or reduce chamber size are desired to extend mission

capabilities. Shear bi-coaxial injectors (two concentric propellant streams) have demonstrated

high performance and reliability over a wide range of operating conditions due to rapid

near-field mixing associated with shear-induced turbulence. Propellant mixing primarily

occurs through axial shear-induced turbulent diffusion resulting from a high-density inner jet

(typically oxidizer) and a low-density outer jet (typically fuel) with different relative velocities.

These injector elements are typically comprised of a central post and a single coaxial annulus,

with each element comprised of multiple parts that must be sealed to prevent inter-propellant

mixing before entering the combustion chamber.

Coaxial injectors with a third concentric propellant jet (a second annular flowpath), desig-

nated here as tri-coaxial injectors, have potential to improve mixing by increasing propellant

contact surface area and introducing an additional shear-induced propellant mixing layer.

A limited number of prior studies have examined this concept. Cai et. al. computationally

and experimentally assessed the combustion performance and thermal characteristics of a

hydrogen-oxygen tri-coaxial injector design, reporting significant improvements in combustion

efficiency compared to a baseline bi-coaxial design along with higher chamber wall tempera-

tures [18]. Ping et. al. found similar results in comparing the combustion characteristics of

various shear coaxial injectors using gaseous hydrogen-oxygen, concluding that the propellant

contact area is a primary driver of combustion performance as best demonstrated by a

tri-coaxial design with the highest measured combustion efficiencies over a wide range of flow

rates [60]. Using liquid ethanol and gaseous nitrous oxide, Lee et. al. experimentally evaluated

droplet breakup and flame structure of a tri-coaxial injector using hot-wire anemometry

and chemiluminescence videography of OH radicals over a range of momentum flux ratios

by altering the outermost annular jet velocity [75]. Boualia et. al. used particle image

velocimetry (PIV) to characterize velocity in non-reacting flow-fields of several tri-coaxial
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configurations with varying central jet displacements [17]. A tri-coaxial injector design has

also been tested commercially by Snecma for the Vulcain gas generator, with results indicating

improved combustion performance, relative to a bi-coaxial design, with significant increases

in the obtainable per-element flow rate (up to 20 times higher) [13, 26,38,72,141]. Injectors

with high per-element mass flow rates are desirable since they can significantly reduce the

number of individual elements required for a combustor.

Despite promising evidence of improved performance, the tri-coaxial injector design also

adds complexity to the multi-part, process-intensive fabrication of bi-coaxial injector element

assemblies using traditional manufacturing methods, which require multiple components

to be combined via brazing or welding for each injection element. Multi-element injector

geometries, such as those used in a liquid rocket main combustion chamber, can employ up to

hundreds of individual elements, with a correspondingly large number of parts with amplified

process intensity. Recent works, including from our own research group, have shown that

coaxial injectors can be additively manufactured in a monolithic or single-part form factor,

thereby reducing manufacturing complexity and risks associated with manufacturing error

[3, 8, 93, 131]. Ahn et. al. experimentally assessed hydraulic and mixing performance of

various additively-manufactured bi-coaxial injector elements via cold-flow testing and flow

structure imaging, and discovered that despite having a lower discharge coefficient than

traditionally-manufactured injectors from inherent AM surface roughness, the AM coaxial

injectors demonstrated no significant problems with propellant injector and atomization [3].

Additive manufacturing flexibility further enables the geometrically tailored manifolding

required to supply the optimal amount of propellant to each injector element [44,48,131].

Manifold design for optimal flow distribution becomes a greater challenge for tri-coaxial

injection elements, along with the difficulty of inter-propellant sealing given the additional

parallel flowpath. Additive manufacturing has the clear potential to address these complexities

and enable the tri-coaxial injector design to realize its benefits.

This chapter presents the mixing and combustion characteristics of a monolithic methane-
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oxygen shear tri-coaxial injection scheme enabled by additive manufacturing. The bipropellant

combination of methane (CH4) and oxygen (O2) serves as the focus of this work due to

relevance to next-generation liquid-propellant rocket engines. Two combustion experiments

were coupled with optical diagnostics to evaluate the theorized mixing enhancements of a single-

element shear tri-coaxial rocket injector design compared to a traditionally-manufactured

bi-coaxial injection scheme over a range of operating pressures from ambient pressure to

approximately 70 bar. The ambient pressure combustion experiment employs a unique

laser absorption tomography (LAT) method to attain quantitative and spatially-resolved

distributions of temperature and carbon monoxide (CO) mole fraction in the near-field

mixing regions. All planar measurements are compiled to produce two-dimensional images

of each coaxial injector’s thermochemical flame structure. The resulting spatially-resolved

thermochemical measurements are shown to provide valuable quantitative data to anchor

numerical models capturing the reacting fluid mechanics of injector design and the gas-phase

kinetics of methane-oxygen combustion. A second, high-pressure combustion experiment

utilizes hydroxyl-chemiluminescence (OHCL) imaging in a single-element combustion chamber

to assess flame dynamics and structure from 35 to 69 bar. The OHCL videos (which measure

line-of-sight integrated pixel intensity) are time-averaged for each chamber pressure condition

and for both injector configurations. Characteristic flame length scales are defined by different

spatial scalars recovered from the optical methods. Additional high-pressure combustion

tests were conducted to quantify combustion performance via measurements of characteristic

velocity (c∗) efficiency. The compiled results indicate mixing augmentation and flow-field

structure evolution with a shear tri-coaxial injector geometry enabling combustion performance

gains with a monolithic additively manufactured design.
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3.2 Methods

This section describes relevant injector design and manufacturing approach, optical diagnostics

and experimental methods used to both develop the injector test article and assess mixing

and combustion performance.

3.2.1 Coaxial injector design and manufacturing

Key nomenclature and theoretical concepts related to coaxial jet mixing are introduced here

to aid the reader in understanding injector design. The generic near-field flow structure from

the interaction of two and three coaxial jets is illustrated in top and bottom of Fig. 3.1,

respectively. It should be noted that the tri-coaxial injector is depicted as having a fuel-

oxidizer-fuel coaxial arrangement throughout this paper. As previously covered in Sec. 2.1,

the resulting coaxial flow-fields are comprised of three zones. Zone I is the initial mixing

zone where all jets penetrate the injection plane and is bounded by the end of the shortest

potential core (unmixed fluid). This zone consists of the potential cores as well as the inner

and outer mixing layers. As the flow progresses and mixes further downstream, the inner,

outer, and intermediate potential cores decrease in size, whereas their corresponding mixing

layers increase in size. Zone II is the secondary mixing zone where the majority of the mixing

via momentum transfer occurs. Zone III is the fully mixed zone which begins at the axial

location where the most pronounced potential core finally terminates. Here, the coaxial

jet behaves more like a single jet and becomes fully-developed. Injector outlet geometry,

propellant properties, and flow conditions all influence the relative lengths of the potential

cores.

At the interface of different propellant streams, a stoichiometric contour defines the surface

at which stoichiometric diffusive flux conditions are met between the fuel and oxidizer. Since

a second fluid interface mixing layer is introduced by the tri-coaxial jet configuration, a second

stoichiometric contour is present. Depending on outlet geometries and flow conditions, the
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Figure 3.1: Generalized near-field mixing schematic for (top) bi-coaxial jet and (bottom)
tri-coaxial jet fluid interaction.

two stoichiometric contours can converge downstream in zone III as depicted in the bottom

half of Fig. 3.1. The axial termination distance of the stoichiometric contour represents

a characteristic length scale (i.e., the stoichiometric mixing length, LS) for the turbulent

flame. Theoretically, increased turbulent mixing caused by an additional mixing layer permits

stoichiometric contours to intersect and terminate further upstream for the tri-coaxial jets,

thus enabling a shorter fully-developed jet length and a shorter flame. Two important

non-dimensional metrics involved in the mixing processes of coaxial jets are the outer-to-

inner velocity ratio (V R = uo/ui) and momentum flux ratio (J = ρou
2
o/ρiu

2
i ). V R directly

influences the intensity of shear layer interaction between the coaxial jets which relates to the

amount of turbulent mixing that occurs, and also determines the length of the inner potential

core [109]. J serves as an important factor in turbulent mixing intensity and predicting

characteristic mixing length scales, accounting for differences in fluid density in addition

to variance in velocity [109]. Off-unity values of V R and J should generally be targeted to

76



Figure 3.2: Cross-sections of: a.) traditionally-manufactured bi-coaxial injector CAD model,
b.) additively-manufactured tri-coaxial injector CAD model, c.) x-ray CT scan of AM
tri-coaxial injector, and d.) image of as-printed AM tri-coaxial injector cross-sectioned by
wire-EDM.

enhance shear-induced turbulent mixing between propellant jets. Both ratios are primarily

dependent on injector outlet geometry and the oxidizer-to-fuel ratio (O/F = ṁGO2/ṁGCH4)

Two single-element shear coaxial injector geometries were designed, fabricated and tested

in this work: a baseline bi-coaxial design, and an additively-manufactured tri-coaxial design.

The shear bi-coaxial injector geometry used in this study was a two-component, conventionally-

manufactured assembly consisting of a copper fuel sleeve and stainless steel oxidizer post,

with a fuel-to-oxidizer outlet area ratio of approximately 0.75 (see dimensions in Fig. 3.2a).

The tri-coaxial injector was designed to be a single monolithic part adhering to constraints
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specific to the printer and material being used such as minimum values of wall-thickness,

gap size, and feature size, as well as print angle (see dimensions in Fig. 3.2b). The total

fuel-to-oxidizer area ratio was approximately 0.54, while splitting the fuel flow between the

center core and outer-most annulus, with a outer-to-inner fuel area ratio of 3.8, achieving

off-unity velocity and momentum flux ratios for a targeted oxidizer-to-fuel mass flow ratio

(O/F) of 3, a fuel-rich value relevant to methane-oxygen rocket propulsion systems. The

single-element tri-coaxial injector design was fabricated as a single part via a laser powder bed

fusion (L-PBF) additive-manufacturing process from stainless-steel 17-4 PH (Proto Labs Inc.

via GE Concept Laser Mlab R printer) which used a 20 µm layer thickness. Fig. 3.2c shows

an image of an x-ray CT scan of AM tri-coaxial injector. Fig. 3.2d shows a cross-section

image of the as-printed AM tri-coaxial injector cut via wire electrical discharge machining

(EDM), revealing the resolved intricate features of internal propellant passageways.

The velocity ratios for the tri-coaxial injector, V R1 (oxidizer-to-fuel-center) and V R2

(fuel-outer-to-oxidizer), were both targeted to be greater than 1 for the O/F ratio of 3

targeted in this experiment. Computational fluid dynamics (CFD) analyses were performed

to appropriately size the three channels that connect the main fuel plenum to the central

fuel post, resulting in a diameter of 0.7 mm which establishes the desired proportions of fuel

mass flow rates through the center fuel post and the outermost fuel annulus. The resultant

Table 3.1: Critical dimensions and fuel-to-oxidizer (total) area ratio, AR, listed for the bi-
and tri-coaxial injectors.

Injector Dimension Value
Bi-coaxial dox,ID 3.8 [mm]

dox,OD 5.6 [mm]
df,ID 6.5 [mm]
AR 0.75

AM Tri-coaxial df1,ID 1.7 [mm]
df1,OD 3.3 [mm]
dox,ID 6.1 [mm]
dox,OD 7.6 [mm]
df2,ID 8.3 [mm]
AR 0.54
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fuel flow percentage split and corresponding outlet areas set the averaged outlet jet velocities,

therefore setting the velocity ratios. The CFD cases compared the outlet jet velocities with

and without a 1-thou surface roughness condition (relevant to the measured surface roughness

of the AM injector) applied to the flowpath walls. These CFD results predict that the surface

roughness alters the subsequent fuel jet velocities by <2%. The as-printed dimensions and

areas of the relevant AM tri-coaxial injector flowpaths were confirmed via x-ray CT scans and

from wire-EDM cross-sections. Minimal post-printing manufacturing included o-ring grooves,

sealing surfaces, and removing support material. The total propellant contact surface area

is indicative of shear-induced mixing performance and scales with the total inter-propellant

perimeter between the fuel and oxidizer outlet geometries. From the addition of a third

coaxial flowpath, the AM tri-coaxial injector achieves a total inter-propellant perimeter of

∼10.5 mm, whereas the bi-coaxial has an inter-propellant perimeter of ∼6 mm. Normalized

by the propellant outlet areas, this represents an increase in the contact surface perimeter

of ∼25%. The design of the AM tri-coaxial injector’s outlet geometry was constrained by

maintaining off-unity velocity ratios between adjacent propellant jets for the targeted nominal

O/F ratio, while also adhering to specific constraints of the AM printer used, particularly

the minimum achievable annular gap size of ∼0.35 mm.

3.2.2 Optical diagnostics

Optical diagnostic methods were used for non-intrusive examination of mixing and combustion

fields produced by the coaxial injectors. For ambient combustion experiments with full optical

access, a novel laser absorption tomography technique was employed for quantitative species

and temperature measurements [144]. For high-pressure combustion experiments with more

limited optical access, a chemiluminescence imaging method was employed targeting the spon-

taneous emission of the excited hydroxyl radical (OH*), known as hydroxyl-chemiluminescence

(OHCL). Imaging chemiluminescence of OH* near 308 nm is a well-established method to

identify heat release zones and flame boundaries in combustion environments by simply
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coupling a spectral filter with a high-speed ultra-violet image intensifier and visible camera,

and has been used in prior works examining injector mixing [67,81,115].

Laser absorption tomography (LAT) enables a more quantitative measurement of species

and temperature fields, providing fundamental properties that can be directly compared to

results of reacting flow simulations [105]. Notably, flow-field axisymmetry, which can be

assumed on a sufficiently time-averaged basis for the axisymmetric injectors studied here,

enables inversion via tomographic deconvolution methods (i.e., onion-peeling) of line-of-

sight spectroscopic measurements across a given transverse plane (from a single view angle)

to produce radially-resolved profiles of spectral absorbance that can be used to infer gas

properties. Our research group recently developed and demonstrated a mid-infrared LAT

technique that yields quantitative and spatially-resolved measurements of temperature and

CO mole fraction in quasi-axisymmetric reacting flows [10,113,144].

In this work, carbon monoxide (CO) is targeted for LAT measurements due to its natural

abundance in hydrocarbon flames. CO is a stable combustion intermediate, a precursor to

carbon dioxide (CO2), and is a significant product species at fuel-rich conditions, typical

of hydrocarbon-fueled liquid rockets. CO has very strong vibrational absorption in the

mid-infrared. The two targeted CO rovibrational transitions are near 5 µm, specifically at

νA = 2008.421 cm−1 (Line A) and νB = 2008.525 cm−1 (Line B), which is a line pair used

previously for sensitive thermometry [144]. Additional details on the spectroscopic method

integration and optical setups are given in the following sections that describe the respective

ambient and high-pressure combustion experiments.

3.2.3 Ambient combustion experiment

The two single-element bi- and AM tri-coaxial injectors were individually tested over a set

of steady-state flow conditions in an atmospheric burner. Laser absorption tomography

measurements were conducted for each injector design to generate temperature and species
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fields in the mixing zone immediately downstream of the injector face. Gaseous oxygen (GO2)

and methane (GCH4) are supplied at constant flow rates using mass-flow controllers (MKS

ALTA 0-200 slm with MKS 647C), which targeted an O/F ratio of 3. Total propellant mass

flow rate (0.350 g/s) is defined by the sum of the mass flow rates of the oxidizer (0.265

g/s) and the fuel (0.089 g/s), which were monitored throughout each test run to ensure

steady-state operation. A gaseous nitrogen (GN2) co-flow plate at the injector exit provides

a nitrogen-to-oxidizer dilution ratio (N/O = ṁGN2/ṁGO2) of 3 to mitigate the influence of

atmospheric entrainment on the combustion flow-field. Momentum flux and velocity ratios

were calculated to be J = 0.38 and V R = 0.86 for the bi-coaxial, and J1 = 2.75, J2 = 0.81,

V R1 = 1.19, and V R2 = 1.26 for the AM tri-coaxial injector.

The same LAT experimental setup, test settings, and data processing methods were used

as detailed in Sec. 2.3. A schematic of the experimental setup and relevant optical hardware

is shown in Fig. 2.5 with the experimental settings highlighted in Table 2.4.

3.2.4 High-pressure combustion experiment

A second complementary combustion experiment was set up to assess mixing characteristics

of the coaxial injectors at higher pressures more relevant to rocket combustor conditions. A

brief overview of the single-element combustion chamber is given here, while a more detailed

description can be found in [16]. GO2 and GCH4 were used as the propellants, and GN2 was

injected co-axially through a co-flow plate to mitigate thermal damage on the inner chamber

walls. Three chamber pressures (PC = 35, 53, and 69 bar) were tested for each injector

by altering mass flow rates (metered via choked orifices) and holding O/F and N/O ratios

constant at 2.75 and 3.1, respectively, with variations less than 3% across all tests. Conditions

for each test are averaged over one second of quasi-steady state operation, which is defined

over a test window where chamber pressure is constant within ±2.5%. The total test time

lasted five seconds. These conditions were chosen to produce stable combustion relevant to
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methane-oxygen rocket combustors and sustain manageable combustion temperatures for

hardware integrity.

As show in Fig. 3.3, the combustor included an optical spool section which housed a 2.5

cm thick fused-silica window that was 7.62 cm long and 2.54 cm wide and provided optical

access to the injection and mixing zone. The stainless-steel combustor had an ID of 5.08 cm

and had an effective length of 26.7 cm before hot combustion gases converged and exited

through a water-cooled copper nozzle section. The nozzle throat diameter was measured to be

0.70 cm for each test. Combustion is initiated by a H2-O2 spark torch igniter. Static chamber

pressure is measured using a Taber 206 pressure transducer and flow rates are metered via

choked orifices, Omega PX319 pressure transducers, and K-type thermocouples.

Figure 3.3: Cross-sectioned top-down view of the single-element pressurized combustion
chamber assembly shown with exemplary image captured from OHCL videography.
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The OH* chemiluminescence (OHCL) videography system consisted of a 308 nm ultra-

violet (UV) filter, a UV lens, an intensifier (Invisible Vision UVi model: 2550B-10), and a

Phantom high-speed camera to capture OH* emission. During a single hot-fire test, OHCL

video is recorded at a frame rate of 55 kfps with a window of 234 x 614 pixels over one second

of quasi-steady state operation (verified by chamber pressure traces) to capture the flow-field

dynamics and flame structure of each injector for each of the three targeted chamber pressure

conditions. This OHCL assembly is offset from the combustor by 40 cm and is centered on

the window, resulting in a per-pixel spatial resolution of 0.13 mm. A single frame of the

OHCL video for a representative test is shown in the bottom right of Fig. 3.3.

Combustion performance for the two injectors was evaluated via characteristic velocity

(c∗) measurements, inferred from chamber pressure, over a similar range of chamber pressures

(34-69 bar), denoted later by tests 7–12. To better discern relative performance differences,

these c∗ measurements were taken with a shortened (∼7.6 cm) combustion chamber section

without optical access.

3.3 Results and discussion

Mixing and combustion characteristics were assessed and compared between the additively-

manufactured tri-coaxial injector and the conventional bi-coaxial injector via the two afore-

mentioned experiments with integrated optical diagnostic techniques over a wide range of

pressures from 1–69 bar.

3.3.1 Species and temperature imaging at 1 bar

In the atmospheric burner, quantitative, spatially-resolved measurements of CO mole fraction

and temperature were attained using laser absorption tomography to assess development of

the respective reaction zones for each injector. Radially-resolved data were recorded at 16

different axial positions and then compiled to create two-dimensional images (Fig. 3.4) to
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depict the thermochemical structure throughout the first 57 mm of each flame. The exhibited

spatial domain was constrained by flow-field criteria (a CO mole fraction threshold of 0.01 and

a minimum gas temperature of 1000 K) that ensure adequate SNR of the targeted spectral

lines for accurate thermochemical measurements. Henceforth, results in regions within the

measured flow-field that had an insufficient amount CO present, or regions that were too

cold (e.g., oxidizer-rich cores), are omitted.

The temperature field indicates a balance of axial convective transport with radial diffusion

of the fuel and oxidizers that define temperature contours. Notably, we can see in Fig. 3.5

that the local temperature maxima for each planar measurement determined by this LAT

method show good agreement with the predicted stoichiometric equilibrium temperature

Teq,stoich ≃ 3050 K value [47]. The maximum measured temperature occurs at slightly rich

conditions, but is of very similar magnitude, TLAT,max ≃ 3060 K. As such, stoichiometric

contours can be approximated by the radial position of the maximum temperature across

each planar measurement, illustrated by the dark-red regions (and black dashed line) within

the temperature contour plots in Fig. 3.4, and by the radial coordinate of the local maxima on

the temperature profiles seen in Fig. 3.5. Stoichiometric contours represent the approximate

location of the chemical reaction zone (albeit finite) and indicate mixing length scales.

Within the temperature contour plots of Fig. 3.4, the grey regions highlight the oxidizer-

enriched regions where insufficient CO is present to make a spectroscopic measurement. For

the bi-coaxial injector, the inner potential core (consisting of purely oxidizer) is approximately

outlined by this greyed-out region and extends past the measurement domain (z > 57 mm).

Recall the bi-coaxial near-field mixing schematic depicted in the top of Fig. 3.1; the fully

mixed zone begins where the inner (oxidizer-rich) potential core ends, suggesting that the

bi-coaxial injector is not fully mixed within the measurement domain. The stoichiometric

contour does begin to converge towards the jet centerline, and a simple linear extrapolation

suggests that it likely fully converges at an axial distance of 70–80 mm – representing an

approximation of the bi-coaxial stoichiometric mixing length.
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Figure 3.4: LAT-enabled two-dimensional images of radially-resolved temperature and CO
mole fraction for the bi-coaxial (left) and the AM tri-coaxial (right) injectors. Approximate
locations of stoichiometric contours are highlighted.

As seen in Fig. 3.4 for the AM tri-coaxial injector, stoichiometric contours are again

approximated by the high-temperature regions located on the inner and outer radial bounds

of the oxidizer-rich intermediate potential core (greyed-out region), allowing for the locations

of the two combustion surfaces to be estimated. The two stoichiometric contours appear

to converge at a downstream location of z ≈ 43 mm, which represents a tri-coaxial mixing

length parameter analogous to the bi-coaxial stoichiometric mixing length. Slightly upstream

of the convergence location, the intermediate potential core appears to terminate (z ≈ 37

mm), implying that the fully mixed zone begins within the measurement domain. These

characteristic mixing and combustion length scales for the AM tri-coaxial injector are roughly
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Figure 3.5: Comparison of radially-resolved temperature and CO mole fraction distributions
at various axial positions shown for the bi-coaxial and AM tri-coaxial injectors.

half of the magnitude of that observed for the bi-coaxial injector. The fuel-oxidizer-fuel

arrangement of the AM tri-coaxial injector permits spectroscopic measurements to be recorded

within the core of the flame, including the center of the injection plane (r = 0 mm, z = 0

mm) implying that the inner potential core must rapidly collapse.

The respective CO mole fraction distributions for each injector exhibit corroborating

features to the temperature fields. For the tri-coaxial injector, the CO mole fraction rapidly

rises, peaks, and declines, reaching a higher maximum value (0.285) than that observed for

the bi-coaxial injector (0.146), with the peak occurring around z ≈ 32 mm downstream and

falling by nearly 80% of the peak value within the next 20 mm of axial distance, suggesting

rapid combustion progress and mixing. By contrast, the bi-coaxial injector exhibits a more

gradual radial diffusion of CO with axial distance. At the outer-most boundary of the CO
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distribution, a flame divergence angle θ, can be used to characterize the radial spread of the

flame brush driven by turbulent mixing. Here, θ is defined by the radial position of the outer

boundary where XCO = 0.05 for each axial position within the first ∼25 mm of each flame.

This produces a linear trend across the planar measurements at different axial positions and

enables a divergence angle to be measured for each flame. Notably, the tri-coaxial flame

divergence angle was determined to be 3.1 times that of the bi-coaxial injector.

3.3.2 High-pressure chemiluminescence

The high-pressure single-element combustor was then used to characterize combustion and

flame structure of the same injectors (at similar O/F ratios) up to 69 bar using OH*

chemiluminescence (tests 1–6). Across the three pressure conditions (PC = 35, 53, and 69

bar), O/F and N/O ratios were held constant at approximately 2.75 and 3.1, respectively,

with variations less than 3% across all tests, and the momentum flux and velocity ratios

were calculated to be J = 0.42 ± 0.04 and V R = 0.91 ± 0.04 for the bi-coaxial, and

J1 = 2.31 ± 0.15, J2 = 0.95 ± 0.05 and V R1 = 1.08 ± 0.03, V R2 = 1.38 ± 0.04 for the AM

tri-coaxial. The velocity ratios are approximately constant due to the fixed O/F ratios, and

the momentum flux ratios are nearly constant with changing pressure due to density change

of the compressible propellants being more significant than the velocity change. injection

pressure drops ranged from 2.8–4.3% PC for the bi-coaxial injector, and 2.0–3.0% PC for the

AM tri-coaxial.

The OHCL technique measured line-of-sight integrated pixel intensity which was then

time-averaged over the 55,000 frames (one second) of quasi-steady state operation for each of

the six test conditions, denoted as Tests 1–6. Pixel intensity data is converted to a 0–1 scale

via normalization by a single global maximum pixel intensity across all six time-averaged

tests. Fig. 3.6 shows contour plots of the normalized line-of-sight pixel intensities for a single

frame and the time-averaged data to compare the two injectors at the three targeted chamber
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Table 3.2: Averaged flow conditions achieved for each test during 1 second of quasi-steady
state operation of the single-element combustor for the high-pressure OHCL experiment.

Test # 1 2 3 4 5 6
Injector Bi- Bi- Bi- AM Tri- AM Tri- AM Tri-
ṁGO2 [g/s] 17.1 26.0 32.0 17.3 25.0 32.0
ṁGCH4 [g/s] 6.1 9.3 12.1 6.2 9.3 12.1
ṁGN2 [g/s] 53.8 79.4 98.7 53.9 79.1 102.0
O/F 2.79 2.80 2.64 2.79 2.69 2.64
N/O 3.15 3.05 3.08 3.12 3.16 3.19
PC [bar] 35.1 53.2 68.6 34.8 53.3 69.0

pressures. Tests 1 and 4 target PC ≈ 35 bar, tests 2 and 5 target PC ≈ 53 bar, and tests 3 and

6 target PC ≈ 69 bar. Table 3.2 provides the actual flow and chamber conditions achieved for

each test. Non-dimensional ratios of velocity (V R) and momentum flux (J) are approximated

for each test condition from the chamber pressure, propellant mass flow rates, and injector

outlet geometry. Since the tri-coaxial injector has two combustion surfaces instead of one, two

values of V R and J are presented for this injector at each chamber pressure (tests 4–6). The

width of tri-coaxial flame images are slightly truncated by the limited width of the window

(2.54 cm) which is exactly half of the chamber’s inner diameter (5.08 cm). All time-averaged

images depict each flame to be relatively axisymmetric with slight spatial distortion likely

associated with the GN2 purge entering the chamber radially from the torch igniter. In

addition to the atmospheric spatially-resolved thermochemical images from Fig. 3.4, the

tri-coaxial flame’s divergent behavior is also exhibited here in Fig. 3.6 at higher pressures.

Two characteristic flame length scales are determined by different axial positions bounded

by a 0.5 iso-contour profile from the normalized time-averaged OHCL video (see Avg. images

in Fig. 3.6) to assess key metrics of each injector’s in-chamber flame structure. Axial flame

length lf, is bounded by the axial distance between the injection plane and the position of

the iso-contour profile furthest downstream. lf is representative of the approximate length of

an injector’s reaction zone required for complete combustion which is vital to a designer to

appropriately size a combustor. Flame standoff distance ls, is bounded by the axial distance

between the injection plane and the position of the iso-contour profile most upstream. ls
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Figure 3.6: Still (Frame) and time-averaged (Avg.) images from OHCL videography at the
high-pressure test conditions. Contour plots depict normalized, line-of-sight pixel intensity
and characteristic flame length scales are highlighted.

estimates the proximity of the exothermic reaction zone relative to the injection plane which

provides insight into near-field mixing dynamics as well as thermal loading on the injector

face.

Fig. 3.7 illustrates how the flame length scales change with increasing chamber pressures

for the bi-coaxial and AM tri-coaxial injectors. Axial flame length lf exhibits an upward trend
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Figure 3.7: Plot of the two characteristic flame length scales (axial flame length lf, and
injector standoff distance ls) versus chamber pressure is shown for both injectors.

with higher chamber pressure for both injectors, which is to be expected due to the increase

in total propellant flow rates. On the other hand, injector standoff distance ls, demonstrates

a downward trend with increased chamber pressure for both coaxial injectors. These trends

reflect a general increase in the size of the reaction zone and increase in thermal emission with

increasing pressures and mass flow rates. Notably, when compared to the bi-coaxial injector,

the AM tri-coaxial injector results in a 50%, 45%, and 48% reduction in axial flame length at

the three increasing chamber pressure conditions, respectively, while generally exhibiting a

smaller reduction in standoff distance, of approximately 31% on average.

A shorter flame, as suggested by smaller values of lf and ls, is indicative of improved

mixing. However, an ls that is too short can generate undesirable high heat-fluxes on injector

hardware. Proper shear coaxial injector design should aim to enhance mixing by minimizing

lf while simultaneously maintaining a sufficiently long ls to avoid thermal damage on the

injection surface. Visual inspection of the AM tri-coaxial injector face revealed no signs

of thermal damage after a combined 160+ seconds of hot-fire tests ranging up to 70 bar

in chamber pressure. It should be noted that the broader reaction zones generated by the

tri-coaxial injector (in relation to the bi-coaxial injector) requires additional consideration for
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protection of the inner combustion chamber side walls. While for these single-element tests,

the GN2 co-flow protected the inner chamber side walls to a degree, multi-element injector

configurations may employ separate fuel injector elements for wall cooling or individual

co-axial elements at the outer perimeter with different oxidizer-to-fuel area ratios to manage

excess heat flux.

3.3.3 Characteristic velocity measurements

Combustion performance was evaluated for the two injectors via characteristic velocity (c∗)

measurements for chamber pressures ranging from 34 to 69 bar. Chamber pressure PC and

total propellant flow rate ṁtot were averaged over one second of quasi-steady state operation.

The equation for the measured experimental characteristic velocity c∗exp is defined as:

c∗exp =
PCAt

ṁtot
(3.1)

where At is the effective nozzle throat area [m2]. The ideal theoretical characteristic velocity

c∗th is given by:

c∗th =

√
RTC

γ

(
γ + 1

2

) γ+1
γ−1

(3.2)

Table 3.3: Averaged flow conditions achieved for each test during one second of quasi-steady
state operation of the truncated single-element combustor experiment examining characteristic
velocity efficiency.

Test # 7 8 9 10 11 12
Injector Bi- Bi- Bi- AM Tri- AM Tri- AM Tri-
ṁGO2 [g/s] 17.7 26.4 33.7 17.7 25.7 33.7
ṁGCH4 [g/s] 6.1 9.2 11.5 6.2 9.1 11.1
ṁGN2 [g/s] 53.2 78.7 100.1 53.2 78.5 97.4
O/F 2.88 2.87 2.94 2.85 2.81 3.03
N/O 3.01 2.98 2.97 3.01 3.05 2.89
PC [bar] 34.5 52.5 67.9 34.6 53.4 68.8
ηc* 91.8% 93.8% 95.3% 92.0% 96.9% 97.7%
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Here, all gas properties specific to the combustion product gas mixture (the gas constant, R

[J/kgK], the specific heat ratio, γ, and the chamber temperature, TC [K]) are determined via

NASA chemical equilibrium solver [47] which takes the measured values of chamber pressure

and mixture ratios as inputs. The combustion efficiency ηc* is given by:

ηc* =
c∗exp

c∗th
(3.3)

Table 3.3 specifies the range of averaged flow conditions and combustion efficiencies,

comparing the bi-coaxial and tri-coaxial combustion performance at different pressures. Both

the bi-coaxial and AM tri-coaxial injectors demonstrate improved combustion performance

with increasing chamber pressure conditions. When comparing the two injectors at corre-

sponding chamber pressures, the AM tri-coaxial demonstrates higher combustion efficiency

at all pressures, with a maximum ηc* of 97.7% compared to 95.3% for the bi-coaxial at

the highest pressure condition (∼68–69 bar). It should be noted that at the lowest flow

rate condition (test 10), chamber pressure was still increasing for the AM tri-coaxial and

therefore did not satisfy the criteria for quasi-steady state operation, likely resulting in a

lower combustion efficiency than would have been achieved in steady-state. The increased

combustion performance exhibited by the AM tri-coaxial injector is indicative of enhanced

mixing driving more complete combustion in the shortened combustion chamber.

3.4 Chapter summary

In summary, a monolithic additively-manufactured shear tri-coaxial rocket injector was

designed, fabricated, and tested to examine mixing and combustion characteristics with

methane and oxygen relative to a conventional shear bi-coaxial injector. A unique dataset of

quantitative temperature and species fields in the mixing region of the injectors was attained

using a mid-infrared laser absorption tomography technique in an atmospheric burner.
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Stoichiometric contours were defined by tracking peak temperature in the tomographic

images, which quantitatively matched well with the stoichiometric equilibrium temperature

for GCH4-GO2 combustion. Complementary high-pressure combustion experiments were also

performed on the same injectors, imaging flame structure via OH* chemiluminescence as a

proxy for heat release up to 69 bar. Across the wide range of operating pressures and with

multiple diagnostic techniques, the novel tri-coaxial injection scheme was shown to reduce

mixing and combustion axial length scales by approximately 50% relative to the bi-coaxial

injector at similar conditions. Despite having a modestly shorter flame standoff distance, the

AM tri-coaxial injector showed no evidence of thermal damage on its injection surface at any

of the tested conditions. High-pressure combustion experiments using a truncated chamber

enabled characteristic velocity efficiency measurements, revealing higher performance from

the AM tri-coaxial injector compared to the bi-coaxial at comparable flow conditions. The

combustion efficiency measurements are consistent with the mixing enhancements from the

tri-coaxial injection scheme, and show promise for shortened combustion chamber length

and mass. Furthermore, the additive manufacturing approach enabled sophisticated inter-

propellant sealing and manifolding in a monolithic form factor that makes a tri-coaxial

design practical for fabrication and integration in multi-element rocket combustion devices.

More broadly, this work demonstrates the potential to leverage the flexibility of additive

manufacturing to design advanced injector geometries that improve mixing and combustion

performance, with relevance to next-generation liquid rocket engines. Given the promising

results of the tri-coaxial injector design with regards to mixing, future work should be aimed

to further evaluate mixing and combustion performance at higher per-element mass flow rates

and in multi-element configurations.
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CHAPTER 4

Combustion instability characteristics of a

methane-oxygen shear tri-coaxial rocket injector

The contents of this chapter have been submitted to the AIAA Journal of Propulsion and

Power in December of 2024 under the full title "Combustion instability characteristics of a

methane-oxygen shear tri-coaxial rocket injector" (currently under review).

4.1 Introduction

Combustion instabilities have plagued liquid rocket engines (LREs) since their advent and

still present serious concerns today for system performance and hardware survivability.

Fundamentally described by the Rayleigh criterion [28], combustion instabilities manifest

as periodic fluctuations of pressure within a combustor when in phase with heat release

from combustion, and are further influenced by chamber and feed system resonances, as

well as propellant injection processes. Fluctuations in chamber pressure can often negatively

influence the fluid dynamics of the propellant injection process, thus reducing performance.

In more extreme cases, they can increase local heat transfer rates and induce excessive

pressure-based vibrations, both of which may damage engine hardware. Despite decades

of research, combustion instabilities remain difficult to predict and model because they are

unique to each combustion system – highly dependent on injector and combustor geometry,

propellant choice, and flow/operating conditions.

Propellant injection systems in LREs inherently experience a large range of thermodynamic
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and hydrodynamic conditions from transient engine start-up, nominal operation, throttling,

and engine shut-down – all of which can excite and sustain instabilities over a wide range

of frequencies. While several different classifications of combustion instabilities exist, this

work focuses on linear (self-excited) longitudinal instability modes which originate from the

inherent noise that arises from injection and combustion processes [129]. Linear longitudinal

instability modes are present in most LREs and generally appear sinusoidal in nature. They

can manifest as low-frequency chugging, intermediate-frequency feed system coupled buzzing,

and/or high-frequency acoustic eigenmodes, all of which are extremely sensitive to LRE

injector design [58,129]. For acoustic modes, the physical mechanisms that drive oscillations in

volumetric heat release rate are categorized by either intrinsic or injection-coupled processes.

Intrinsic instabilities are defined by heat release rate fluctuations initiated by chamber

acoustic modes from variations in combustion sub-processes that occur after propellant

injection (e.g., atomization, vaporization, mixing, chemical kinetics). Said sub-processes

determine the phase relationship between the chamber response and the injector response,

hence dictating the feedback mechanism of amplification [56]. Intrinsic instabilities are

considered to have a negligible effect on propellant injection flow rates [58]. Alternatively,

injection-coupled acoustic instabilities occur from the coupling of chamber resonances and

oscillatory fluctuations of propellant flow rates from the propellant injection system [56].

Thermoacoustic instabilities are a subclassification where combustion heat release rates

become coupled with acoustic pressure waves within the chamber. Low-frequency chugging

modes (non-acoustic) are also induced by injection-coupled processes, caused by a coupling

of elastic pressure-wave interactions between the propellant feed system and combustor, and

sometimes even influenced by vehicle structures [128].

Although in some special cases where the presence of combustion instabilities (typically

higher-frequency transverse modes) can enhance propellant mixing and combustion perfor-

mance, this is not particularly true for low-frequency chugging modes. For example, when an

instability invokes an increase in the local chamber pressure on the injection plane, propellant
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flow rates are briefly reduced. In some situations, combustion products can backflow into

propellant manifolds. In these cases of propellant flow rate modulation, there is a characteris-

tic refresh time for propellants to reestablish nominal flow back into the combustion chamber.

Due to differences in propellant densities, flow rates, injector outlet geometries, and injection

pressure drops, the corresponding propellant refresh times often mismatch. This results

in a transient and spatially varying equivalence ratio and total mass flow rate throughout

the combustion chamber, ultimately reducing performance. The consequent reduction in

flow conditions then invokes a rapid decline in chamber pressure, encouraging propellants to

quickly surge back into the chamber, repeating the cycle.

In most cases, combustion instabilities are empirically characterized and minimized during

engine development via hot-fire testing analyses, in which combustion system component

and assembly designs are iteratively modified until instabilities are reduced below some

predetermined allowable threshold. Classically, "quasi-stable" or "smooth combustion" is

achieved when amplitudes of pressure fluctuations do not exceed ±5% of the average chamber

pressure [58]. Beyond limited preliminary design considerations, high-frequency instabilities

are traditionally minimized through the use of stabilization methods designed in a highly

empirical trial and error manner. These damping devices include baffles or acoustic resonance

cavities that can absorb acoustic energy at discrete frequency ranges. Increasing injector

stiffness (∆Pinj/PC), analogous to increasing the injector’s impedance, has proven to be a

reliable method of reducing injection-coupled chugging modes. Injector stiffness is traditionally

recommended to be between 15–20% to promote stable combustion [58,128], although the

exact value will be dependent on the system and operational tolerances. While lower stiffness

injection systems are desirable for lighter feed systems, they hinder a lucrative combustion

instability damping mechanism. Higher injector stiffness therefore requires larger/heavier

feed pressurization hardware, and the implementation of damping devices both increase the

complexity and overall dry mass of the vehicle, resulting in a decreased payload or mission

duration capability for spacecraft and launch vehicles.
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Linear instability behavior in combustion systems has been extensively studied, with

much of the basic framework being established by Crocco and Cheng [33]. In order to

describe chugging behavior in monopropellant LREs, Crocco introduced a simple time lag

theory [29], which associates the fluctuations of combustion heat release and chamber pressure

via the time lag (or phase shift) τ , between said fluctuations. This time lag is attributed

to the sub-processes that must occur prior to complete combustion such as atomization,

vaporization, mixing, and chemical kinetics. The classical time lag models were later improved

upon by Crocco and Cheng [30–33], Hutt and Rocker [56], and Wenzel and Szuch [146],

among others, which extended to high-frequency modes and accounted for parameters such as

acoustic effects, damping mechanisms, bi-propellants, and other chamber-injector responses.

Casiano [20] provided a detailed explanation of these time lag models and further expanded

them for practical application on stability design for LREs, particularly those that employ

deep throttling. For a more comprehensive review of combustion instabilities in LREs, the

reader is referred to the following compilations edited by Harrje and Reardon [129], Santoro

and Anderson [114], and Yang and Anderson [139].

Coaxial injectors are a common propellant injection scheme for LREs, demonstrating

exceptional performance and dependability in rocket engines like the Space Shuttle Main

Engine and the Vulcain 2 main stage engine. Best described as "concentric tube elements,"

coaxial injectors mix the fuel and oxidizer via turbulent shear layer interactions between

concentric propellant jets. These injectors generally feature an oxidizer core jet surrounded

by an annular jet of fuel with an off-unity velocity ratio. There are two primary types of

coaxial injectors. Shear coaxial schemes have both propellants enter the chamber co-linearly

and mixing largely occurs via differences in axial momentum, whereas swirl coaxial schemes

invoke a radial and tangential velocity component to one or both of the propellant jets which

promotes faster near-field mixing via increased turbulence. Coaxial injector configurations

with a recessed oxidizer post are sometimes utilized for their mixing enhancements by which a

pre-mixed zone is introduced just prior to the primary injection plane [43]. Several works (most
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pertaining to one or more propellants being injected in the liquid phase) have demonstrated the

stabilizing effects of a recessed oxidizer post within coaxial injector elements [62,67,83,129,142].

While this is generally true, Lux and Haidn [83] discovered low-frequency chugging modes

worsened with a recessed configuration when injection stiffness dropped below 12%, implying

that some characteristic injection stiffness must be achieved for recessed shear coaxial injectors

to realize stability performance improvements.

A tri-coaxial injector implements a third concentric propellant flowpath to the traditional

shear bi-coaxial design, aimed to enhance shear-induced turbulent mixing by increasing

contact surface area between adjacent propellant jets. The limited number of studies that

have investigated a tri-coaxial injector design, including some by our research group, primarily

focused on mixing and combustion performance [13, 17, 18, 26, 38, 60, 72, 75, 141]. Notably, our

recent work found that a methane-oxygen shear tri-coaxial design can significantly reduce

the characteristic mixing length for combustion, enabling a higher characteristic velocity, or

c* efficiency, at shorter chamber lengths [64]. However, to the authors’ knowledge, there is a

lack of prior studies examining the combustion instability characteristics of shear tri-coaxial

injection, motivating the current work.

In this work, we examine gaseous and supercritical methane-oxygen combustion instability

characteristics of a shear tri-coaxial injection design, with relevance to next-generation liquid

rocket engines. Most research, especially the aforementioned pioneering studies, has been

conducted using condensed phase (liquid-liquid or liquid-gas) injection systems due to their

frequent use in the majority of space vehicles. Recently, full-flow staged combustion (FFSC)

cycle engines, like the SpaceX Raptor engine, have gained traction due to their performance

benefits compared to non-staged combustion cycles, and from their less extreme conditions

imposed on turbomachinery compared to oxidizer-rich staged combustion cycles [104]. FFSC

cycle engines partially combust each propellant in fuel-rich and oxidizer-rich preburners

to drive turbomachinery, ultimately delivering the propellants into the main combustion

chamber in a gaseous or supercritical state. Non-condensed phase injection systems avoid
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many of the complex physical processes associated with liquid injection that can excite

high-frequency intrinsic instabilities, such as droplet formation, vaporization, and multi-phase

mixing interactions. Previous work done by Lemcherfi et. al. [76] and Pons et. al. [106]

investigated the influence of propellant injection temperature on stability in a single-element

combustor with staged combustion cycles that used a shear coaxial injector with gaseous

methane-oxygen as propellants. It was discovered that higher temperatures of the fuel and

oxidizer contributed to higher-frequency modes dominating, while lower injection temperatures

prompted low-frequency chugging modes to prevail. Despite their simplicity and pragmatic

modern applications, the available literature on combustion instability characterization of

gas-gas injection systems is scarce, especially those using methane-oxygen with shear coaxial

injection schemes, thus further motivating this work.

Here, we investigate the various combustion instability modes associated with the tri-

coaxial design, and compare results to baseline bi-coaxial injector designs operating at similar

conditions. The tri-coaxial injector design is additively-manufactured (AM) as a monolithic

part to overcome challenges with interpropellant sealing, and tested in a high-pressure com-

bustor over a range of pressures at relatively low injector stiffness. In this paper, Sec. 4.2

describes the experimental approach, test hardware, instrumentation, and data analysis

methods used to assess instability characteristics. Since full-scale multi-element engine tests

are often impractical, single-element tests are conducted in scaled-down combustors as a

more cost-efficient way to evaluate relevant intraelement phenomena such as injector fluid

dynamics and combustion characteristics.Three total shear coaxial rocket injectors were

evaluated in this study: two traditional shear bi-coaxial geometries with and without a

recessed oxidizer post and the AM tri-coaxial design. Each injector was individually hot-fire

tested using methane-oxygen within a single-element pressurized combustor at chamber

pressures ranging from 35–69 bar such that instability behaviors could be captured. Two

separate techniques were simultaneously employed to characterize combustion instability

behavior for each injector during a hot-fire test. High-speed piezoelectric dynamic pressure
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measurements were recorded within the combustor and the oxidizer feed system while high-

speed hydroxyl-chemiluminescence (OHCL) videography was recorded to capture fluctuations

in the spontaneous emission of the excited hydroxyl radical (OH*). Sec. 4.3 presents the

resulting combustion instability data of the three injectors at different operating conditions

for methane-oxygen propellants. By calculating power spectral densities across the examined

frequency domain, the characteristic frequencies of combustion instability modes were sep-

arately determined for the OHCL video data and for the dynamic pressure measurements.

While methane-oxygen served as the primary propellant combination for this study, a few

supplementary tests were conducted using hydrogen-oxygen propellants (and included here

in Sec. 4.4), followed by similar combustion instability results. Sec. 4.5 presents an analysis

of the instability results and discusses potential injector-related mechanisms responsible for

improved or worsened stability characteristics. Coupling between combustive in-chamber

heat release rates (via OHCL video) and pressure fluctuations was determined through

magnitude-squared coherence and through normalized cross correlations.

4.2 Methods

4.2.1 Shear coaxial injector design

Three single-element shear coaxial injector geometries were designed, manufactured, and

tested in this study – a flush bi-coaxial (served as the baseline design), a nearly identical

bi-coaxial with a recessed oxidizer post (lr/dox,OD = 1.7), and an additively-manufactured tri-

coaxial injector. Fig. 4.1 shows these injector geometries with relevant dimensions displayed.

The two bi-coaxial designs used in this work were both traditionally-manufactured three-part

assemblies consisting of a copper fuel sleeve and stainless steel oxidizer post, each with a fuel-

to-oxidizer outlet area ratio of approximately 0.75, yielding an outer-to-inner momentum flux

ratio of approximately 0.33 for methane-oxygen at a mass flow ratio (O/F = ṁGO2/ṁGCH4)

value of 2.9, representative of the nominal target test conditions. The actual test conditions
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varied and are described further in the results section.

The tri-coaxial injector was designed as a single, monolithic part and fabricated via a

laser powder bed fusion (L-PBF) additive-manufacturing process from stainless-steel 17-4 PH

(Proto Labs Inc. via GE Concept Laser Mlab R printer) which used a 20 µm layer thickness.

The design took into consideration the specific limitations of the printer used, including the

smallest possible wall thickness, gap size, feature size, and maximum unsupported print angle.

The post-print manufacturing required was minimal, requiring only a few o-ring grooves and

sealing surfaces to be machined. The total fuel-to-oxidizer area ratio was approximately 0.54.

More information on this AM tri-coaxial design can be found in [64]. The bottom images in

Fig. 4.1 depict cross-sections of the AM tri-coaxial injector in a CAD model as well as an

x-ray CT scan of the final printed part, revealing the fully-resolved intricate features of the

intra-element propellant manifolds. Computational fluid dynamic analyses were conducted to

inform intraelement flowpath design. The three channels that connect the main fuel plenum

to the central fuel post were appropriately sized to a 0.7 mm diameter to establish the proper

fraction of fuel mass flow rates through the center fuel post and the outermost annular

flowpath. The total fuel mass flow was split between the center core and outer-most annulus

such that off-unity velocity and momentum flux ratios for a similar targeted oxidizer-to-fuel

mass flow ratio, O/F = 2.9, a fuel-rich condition pertinent to rocket propulsion systems that

use methane-oxygen. Momentum and velocity ratios between the 3 streams varied with test

conditions and are described in the results section.

4.2.2 Pressurized single-element combustor experiment

The pressurized single-element combustion chamber assembly and design is summarized here,

but more comprehensive documentation can be found in [16]. The combustor assembly was

comprised of 5.08 cm thick stainless steel spool sections with an inner diameter of 5.08 cm

and had an effective length of 26.7 cm. Hot combustion gases converged and exited through
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Figure 4.1: Cross-sections of: top) traditionally-manufactured flush bi-coaxial injector CAD
model, middle) traditionally-manufactured recessed bi-coaxial injector CAD model, and
bottom) additively-manufactured tri-coaxial injector CAD model with an x-ray CT scan of
the final printed part.
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a water-cooled copper conical nozzle section at the end of the combustor. The nozzle throat

diameter was measured before each test and remained constant at 0.70 cm. As seen in Fig. 4.2,

the combustor included an optical spool section which housed a 2.5 cm thick fused-silica

window that was 7.62 cm long and 2.54 cm wide and provided optical access to the injection

and mixing zone.

Combustion was initiated by a H2-O2 spark torch igniter, followed by low flow rate

propellant injection to ensure main combustion chamber ignition before opening high flow

main propellant valves a few seconds later. The primary propellant combination was O2

and CH4, while a coaxial co-flow plate injected N2 near the inner chamber walls to mitigate

thermal damage. Three chamber pressures (PC = 35, 53, and 69 bar) were targeted for each

injector by increasing propellant mass flow rates. Static chamber pressure was measured

using a Taber 206 pressure transducer and flow rates were metered via choked orifices, Omega

PX319 pressure transducers, and K-type thermocouples.

The flow and operating conditions presented throughout this paper are averaged over

Figure 4.2: Cross-sectioned top-down view of the pressurized single-element combustion
chamber assembly shown using the AM tri-coaxial injector with typical still image captured
from OHCL videography.
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one second of quasi-steady state operation for each test. Here, steady state is defined by

maintaining a near constant average chamber pressure, within 2.5%, over a one second test

duration. Each test targeted an oxidizer-to-fuel mass flow O/F ratio (O/F = ṁGO2/ṁGCH4)

of 2.9 and a N/O dilution ratio (N/O = ṁGN2/ṁGO2) of 3.0 with a total test time of five

seconds. These conditions were chosen to produce stable combustion relevant to fuel-rich

methane-oxygen rocket combustors while sustaining acceptable combustion temperatures for

hardware integrity. Although the combustion product gas temperature approached 2200 K,

chamber wall temperatures remained below 1150 K from the protective GN2 layer near the

inner chamber walls. Injector stiffnesses for both the fuel and oxidizer flowpaths were low,

typically between 2–5%. These low values represent an objective for rocket injector design,

but in this case also help promote pressure and thermal oscillations within the combustor

which are dampened by the co-flow. It should be noted that the propellant feed system

upstream of the combustor’s injector housing remained unchanged from test to test. Since

choked-flow orifices were used for flow metering of all three fluids, the upstream feed system

was decoupled from the combustor. As such, differences in results at a given chamber pressure

condition can be well-attributed to changes in injector geometry and assumed independent of

any potential flow perturbations from the feed system upstream of the orifices.

4.2.3 Instrumentation

Chamber and oxygen feedline pressures were measured using dynamic pressure sensors (PCB

Piezotronics, Model 113B22) with a frequency response up to 500 kHz. For simplicity, this

dynamic pressure sensor will be referred to as a PCB throughout this paper. Fig. 4.3

shows the PCB sensor positions relative to the combustor assembly. PCB 1 was installed

on the oxygen feedline, 33.2 cm upstream of the injector plane. PCB 2 and PCB 3 were

installed in the combustion chamber, at axial locations 10.2 cm and 1.0 cm downstream of the

injector plane, and azimuthal positions 135◦ and 105◦, respectively. To isolate the combustion

chamber PCB sensors from the high heat flux environment, the sensors were offset from the
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Figure 4.3: PCB dynamic pressure sensor setup and positioning on the single-element
combustor.

chamber inner walls with a standoff distance of 76.2 mm, and connected through a 3.175 mm

diameter sense line. The PCB sensors were flush mounted to the chamber sense line using a

custom designed tee. Cavity resonances from the offset were eliminated by terminating the

third branch of the tee to a very long sense line, or semi-infinite tube (L/D ≈ 3800), capped

at the end. This design leverages viscous dissipation to suppress pressure reflections from

the capped end. The PCB sensors were connected to a signal conditioning amplifier (PCB

Piezotronics, Model 482C15), which were sampled simultaneously at 250 kHz per channel on

a multi-function data acquisition board (National Instruments, Model PXIe-6368). National

Instruments LabVIEW software was used to acquire the signals.
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OH* chemiluminescence (OHCL) imaging near 308 nm is a common method of identifying

heat release zones and flame boundaries in combustion environments by simply coupling

a spectral filter with a high-speed ultra-violet image intensifier and visible camera. The

method has been used in prior works to assess combustion instability effects on injection

dynamics [67, 83]. OHCL videography captured the emitted light from the excited OH

combustion radicals associated with the flames produced by each single-element injector,

captured via the aforementioned fused-silica window. The OHCL videography system included

a 308 nm ultra-violet (UV) filter, a UV lens, an intensifier (Invisible Vision UVi model 2550B-

10) to convert UV to amplified visible light, and a Phantom high-speed visible camera (model

v2011). OHCL video was recorded over a 234 x 614 pixel window at a frame rate of 55 kfps

during the steady-state interval that corresponded to each hot-fire test. A single still frame

of the OHCL video is shown in the top of Fig. 4.2 for a representative test. The OHCL

videography system was offset from the combustor by 40 cm and was centered on the window,

resulting in a per-pixel spatial resolution of approximately 0.13 mm.

4.2.4 Chamber eigenfrequency predictions

The driving mechanism of combustion instability is the coupling between oscillatory energy

of combustion and the fluid dynamics of the system. High-frequency acoustic instabilities are

defined as chamber pressure oscillations that correspond to the longitudinal and transverse

acoustic modes (eigenfrequencies) of the chamber. While analytical solutions for eigenfrequen-

cies are available for constant area, cylindrical ducts with uniform flow, non-uniform effects,

such as flow acceleration through the nozzle and instrumentation features at the chamber

walls, must be accounted for in practical combustor geometries. These additional features

introduce complexities where solutions for the chamber acoustic modes are obtainable only

through numerical methods.

Computational aeroacoustics (CAA) simulations were conducted using COMSOL Multi-
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physics software. The goals of the CAA analysis were to first predict the eigenfrequencies

and their associated mode shapes in the combustion chamber. The results of the analysis

were then used to help identify the nature of coupling between the PCB and OHCL signals.

Additionally, the CAA results were used as a diagnostic tool to identify both instrumentation

noise inherent in the system, or amplitude variations in pressure fluctuations between PCB

sensors due to installation effects.

The Pressure Acoustics Frequency Domain interface within COMSOL was used to compute

the eigenfrequencies of the combustion chamber. Thermodynamic and mixture properties

of the combustion products were simulated using the NASA Chemical Equilibrium with

Applications (CEA) program [47]. The target chamber pressure, mixture ratio, and diluent

ratio were provided as inputs to CEA to determine the equilibrium temperature of combustion

products. The equilibrium temperature was provided as input to COMSOL and was assumed

uniform throughout the combustion chamber. The boundary condition at the injector plane

was approximated as a solid boundary. The nozzle impedance was approximated as

Z = Z0
2

M (γ − 1)
(4.1)

where Z0 = ρc is the characteristic impedance of the equilibrium gas products and M is the

mean flow Mach number. Equation 4.1 is the formulation by LaMarque and Poinsot [70],

where the wavelength of fluctuations is large (λ ≈ 10L), compared to the characteristic length

of the nozzle. Using the equilibrium conditions output from CEA, the critical frequency to

which Eq. 4.1 is applicable is ≈ 2kHz.

The sensitivity of the combustion chamber eigenfrequencies to the interior fluid model

complexity was determined through multiple simulations of the interior fluid domain. The

initial model was the least complex, containing only the length of the chamber with constant

cross sectional area between the injector plane to the inlet of the nozzle. Each subsequent

simulation included an additional model feature than the previous simulation to observe

107



the impact of the increased geometric complexity of the feature on the combustion chamber

eigenfrequencies. The features added, in order of increasing model complexity, were the

convergent nozzle, the window sections along the inner diameter of the combustion chamber,

and the torch igniter. All features added after the convergent nozzle did not produce significant

changes to the chamber eigenfrequencies below the cut-off frequency of the first tangential

mode, up to about 10 kHz.

Resultant mode shapes generated by COMSOL are shown in Fig. 4.4 for the first three

longitudinal chamber eigenmodes. For reference, the axial positions of PCB 2 (10.2 cm) and

PCB 3 (1.0 cm) are outlined relative to the various node (white) and anti-node (dark blue or

dark red) locations for the 1L, 2L, and 3L modes.

Figure 4.4: Longitudinal chamber mode shapes as predicted by COMSOL for 1L, 2L and 3L,
with axial positions of in-chamber PCBs shown.
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4.2.5 Experimental data analysis

The top subfigure of Fig. 4.5 details the nominal test sequence in the pressurized single-

element rocket injector experiment. Each hot-fire test involved staging of the propellant mass

flow rates, and was initiated once ignition of the GH2-GO2 torch had been verified. First,

propellant combustion was confirmed by a sudden rise in chamber pressure during the low

flow stage. Once the required pressure rise was detected, the hot-fire segment proceeded to a

high flow stage that delivered propellants at the flow rates required to drive the combustion

reaction to reach the desired chamber pressure. All tests were hot-fired with a high flow

interval of five seconds to allow the chamber pressure sufficient time to reach steady state.

The high-speed videos were continuously recorded with a memory buffer that was triggered to

capture the last 1.68 seconds of hot-fire, prior to shutdown. The statistics of the PCB signals

were computed over a one second interval during steady state, which was synchronized to the

first second of the high-speed video, indicated by the vertical dashed lines in Fig. 4.5.

The power spectral density (PSD) of the PCB signals was used to identify the broadband

and tonal frequency content of both feedline and chamber pressure oscillations. The PSDs were

computed using a 218-point Fast Fourier Transform (FFT) of the raw voltage signal. All signals

were filtered using a 9th order Butterworth high-pass filter with a 20 Hz corner frequency. The

raw voltage signals were corrected for sensitivity and normalized by reference pressure Pref =

20 µPa. The PCB power spectral density was estimated via Welch’s method [145] in Matlab.

A few non-physical high-frequency tones were observed throughout the test sequence, both

prior and subsequent to the high-flow hot-fire segment. The tones were removed a posteriori

using spectral subtraction. The noise signal used for subtraction was defined by the PSD of

the PCB signals during one second of the low flow segment of hot-fire (see Fig. 4.5).

Heat release rate fluctuations were estimated from the high-speed OHCL videography

recorded during hot-fire. Each frame was spatially trimmed to include only the window field of

view (7.62 cm x 2.53 cm) to reduce signal contamination due to reflections along the window
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port sidewalls and to crop any absence of signal in the border regions of the video recording.

The raw pixel amplitude, recorded as a value between 0 to 255, was integrated across the

field of view to produce a scalar value of the OHCL for each frame. This was repeated over

one second of hot-fire to derive the 55,000-point OHCL time series. A 216-point FFT was

applied to estimate the power spectral density from the OHCL time series. The sensitivity

of OHCL power spectral density to both the location and area of the spatially integrated

region within the field of view was tested and was found to only scale the broadband spectral

amplitude without impacting the fundamental shape or tones of the spectra.

The magnitude-squared coherence was calculated as it provides insight on coupling

frequencies between pressure fluctuations and heat release rate. The coherence was computed

using

γxy =
Sxy(f)S

∗
xy(f)

Sxx(f)Syy(f)
(4.2)

where Sxy is the cross spectrum of the OHCL and PCB signals, and Sxx and Syy are the

respective signals’ autospectra. The raw PCB signals were resampled at 55 kHz to match the

OHCL time series, prior to computing the coherence. The coherence outputs a value between

0 and 1, which indicate weak and strong coupling, respectively, between the PCB and OHCL

signals. Strong coupling is indicative of a thermoacoustic instability at the corresponding

frequency.

Normalized cross correlations were computed between the OHCL and PCB signals by

Rxy(tdelay) =
1

N

N∑
i=1

[x(ti)− x̄] [y(ti + tdelay)− ȳ]

σxσy

(4.3)

where x and y are the OHCL and PCB signals, respectively, tdelay is the signal delay time

between the PCB and OHCL signal, i is the time index of the discrete signal, N is the

signal length, (̄) indicates the signal mean value, and σ is the standard deviation. The signal

cross correlations were used to determine coupling and phase shift between heat release

and pressure fluctuations of the oxidizer feedline to assess low-frequency injection-coupled
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(i.e., chugging) characteristics. Strong coupling would correspond to positive correlation

coefficient values close to 1. The delay time was determined by indexing the first positive

correlation peak in the time domain and can be interpreted as the response time required

for the exothermic combustion process to be influenced by a change in the oxidizer feedline

pressure (as detected by PCB 1).

It is notable that the coherence and cross correlations of the pressure and OHCL signals

share similarity with the classical Rayleigh Index. While a Rayleigh Index can help describe

the amplification of pressure and heat release interactions associated with thermoacoustic

instabilities, experimental estimation of this parameter in a complex three-dimensional

flow-field, as examined here, is challenging due to limitations in the spatial resolution and

dimensionality of diagnostics. Alternative metrics like coherence and cross correlation based on

measurements at various chamber locations provide similar insight into coupling characteristics

of pressure and heat release for the experiments herein with practical diagnostics. Furthermore,

coherence calculations enable a multi-modal distribution of the coupling intensity over a wide

frequency domain and the cross correlations quantify the transient phase shift between the

heat release and pressure response, and provide a visualization of instability decay behavior.

4.3 Results

4.3.1 Test conditions

For each of the three shear coaxial injector designs investigated in this study, combustion

stability characteristics were assessed via hot-fire testing in a pressurized single-element

combustion chamber using methane-oxygen propellants. Three chamber pressure conditions

(PC = 35, 53, and 69 bar) were targeted to determine the chamber pressure dependence

on stability behavior. Chamber pressures were altered by changing propellant flow rates

via setting the upstream pressures of each propellant orifice. O/F and N/O ratios were

held constant at approximately 2.9 and 3.0, respectively. Two important non-dimensional
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Table 4.1: Test conditions for all single-element CH4-O2 combustor tests averaged over one
second of steady state operation.
Test Prop. Injector PC ṁox ṁf ṁN2 O/F N/O ∆Pinj,ox ∆Pinj,f

[bar] [g/s] [g/s] [g/s] [% PC] [% PC]
6198 CH4-O2 Flush Bi 34.9 17.7 6.0 53.7 2.93 3.04 2.7% 2.8%
6234 CH4-O2 Recessed Bi 35.6 18.6 6.2 53.8 2.99 2.90 3.0% 1.8%
6219 CH4-O2 AM Tri 34.7 18.0 6.1 53.8 2.92 3.00 2.0% 2.0%
6204 CH4-O2 Flush Bi 53.0 27.0 9.2 79.3 2.94 2.94 4.1% 3.4%
6233 CH4-O2 Recessed Bi 54.2 26.5 9.1 79.7 2.91 3.00 4.2% 2.3%
6223 CH4-O2 AM Tri 53.1 25.9 9.2 79.1 2.81 3.06 3.2% 2.5%
6214 CH4-O2 Flush Bi 68.4 33.1 12.0 98.7 2.76 2.98 3.9% 4.2%
6231 CH4-O2 Recessed Bi 69.6 34.3 11.5 96.1 2.97 2.80 4.8% 3.1%
6229 CH4-O2 AM Tri 69.1 33.1 11.9 102.0 2.78 3.08 3.1% 2.6%

metrics involved in the mixing processes of coaxial jets are the outer-to-inner velocity ratio

(V R = uo/ui) and momentum flux ratio (J = ρou
2
o/ρiu

2
i ). The momentum flux ratios (J)

and velocity ratios (V R) were calculated to be J = 0.33 ± 0.03 and V R = 0.81 ± 0.04 for

the flush bi-coaxial, J = 0.31± 0.01 and V R = 0.79± 0.01 for the recessed bi-coaxial, and

J1 = 2.62± 0.19, J2 = 1.22± 0.08 and V R1 = 1.15± 0.04, V R2 = 1.28± 0.04 for the AM tri-

coaxial. The velocity ratios are approximately constant due to the fixed O/F ratios, and the

momentum flux ratios are nearly constant with changing pressure due to density change of the

compressible propellants being more significant than the velocity change. Injection stiffnesses

(∆Pinj/PC) were calculated for each propellant, including the GN2 co-flow. ∆Pinj,GN2/PC was

typically 14-19%. Table 4.1 lists the flow conditions achieved and corresponding injection

stiffnesses for each of the 9 tests averaged over a one second steady state interval. It should

be noted that the injector stiffness was typically a bit lower for the tri-coaxial injector relative

to the bi-coaxial injectors at similar flow conditions.

Despite slight deviations in flow conditions and chamber pressures achieved for each test,

the calculated equilibrium combustion temperatures were relatively similar ranging between

2010–2175 K for all tests. This resulted in only a +/- 1.5% variation in the speed of sound

within the combustion chamber across all tests. As a result, flow condition discrepancies are

not expected to significantly affect the chamber eigenmode (i.e., longitudinal) frequencies.
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Figure 4.5: Chamber pressure traces for each injector at the 53 bar CH4-O2 condition.

Stiffnesses for the fuel and oxidizer varied from 2–5% and generally increased with higher

chamber pressures. While injection stiffnesses are traditionally around 15–20% for LREs

to operate within sufficient stability margins [58, 128], lower stiffnesses were used in this

experiment to encourage the onset of combustion instabilities by reducing the damping effect

of high injection pressure drop and the nitrogen co-flow. Low injection stiffnesses were also a

result of using gaseous propellants since significantly less viscous losses occur compared to

liquids.

As previously mentioned, the GN2 co-flow was necessary for maintaining acceptable

combustor wall temperatures. The injection of the GN2 into the chamber acted as a constant

damping mechanism by absorbing energy from the feedback loop caused by oscillatory heat

113



release from combustion and reactant injection processes. Due to the relatively high co-flow

injection stiffnesses of 14–19%, the GN2 feed system was only passively involved in instability

dynamics. Its influence remained relatively constant from test to test and the trends and

results presented here are primarily dependent on injector design and chamber pressure.

The top of Fig. 4.5 illustrates the chamber pressure trace and timing of key test sequence

events for a typical hot-fire test. The one second quasi-steady state interval is also highlighted

here, with the steady state window magnified off to the right of the figure. The chamber

pressure traces for the 53 bar case are shown as a representative comparison between the three

shear coaxial injectors. While the absolute pressure transducer used to measure chamber

pressure does not possess the necessary bandwidth to resolve pressure fluctuations faster than

50 Hz, the relative amplitudes of the chamber pressure fluctuations are visible and serve as an

indication of low-frequency chugging instability behavior. The AM tri-coaxial injector depicts

the smoothest pressure trace, indicative of smooth combustion (∆Pdyn,f < 5% PC), at least

within the low frequency domain. In contrast, both bi-coaxial injectors, especially the recessed

configuration, show larger changes in pressure indicating some low-frequency chugging effects.

These fluctuations can be better quantified with higher bandwidth instrumentation.

4.3.2 Dynamic pressure measurements

The three PCB piezoelectric dynamic pressure sensors recorded high-speed pressure measure-

ments at a sample rate of 250 kHz for each test. PCB 1 was located in the oxidizer feedline

just upstream of the combustor oxidizer inlet, while PCB 2 and 3 were positioned at different

axial and azimuthal locations in the chamber. Their positioning on the combustor can be seen

in Fig. 4.3. It should be mentioned that dynamic pressure measurements were not recorded

within the fuel feed system since the oxidizer flow path of a shear coaxial injection element is

typically much more susceptible to inciting injection-coupled instabilities from their inherent

organ-pipe geometry [129]. Fig. 4.6 depicts the low-frequency chugging instability mode (left
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Figure 4.6: Representative raw pressure traces from the oxidizer feedline dynamic pressure
sensor (PCB 1) for each injector at the 53 bar CH4-O2 test case. Sinusoidal dynamic pressure
changes shown for low-frequency chug (left) and high-frequency 1L acoustic mode (right).

plot) and high-frequency acoustic modes (right plot) from raw pressure traces recorded as

voltages by PCB 1 (oxidizer feedline) during a portion of the steady state interval at the 69

bar chamber pressure condition for each of the three injectors. The chugging behavior is

illustrated well by high-amplitude sinusoidal pressure traces (left plot of Fig. 4.6) for the two

bi-coaxial configurations, whereas the tri-coaxial exhibits negligible low-frequency pressure

oscillations. The right subfigure of Fig. 4.6 shows lower-amplitude sinusoidal pressure traces

windowed to highlight the 1L acoustic frequencies (1620 Hz for the bi-coaxials, 1720 Hz for

the tri-coaxial), with the recessed bi-coaxial appearing slightly lower amplitude that the other

two injectors at this condition.

4.3.2.1 Power spectral density

After applying a 20 Hz high-pass filter on the PCB raw voltage traces, power spectral densities

(PSD) were determined by first applying an FFT, followed by Welch’s method [145], in order

to determine how the power of each PCB signal was distributed across the relevant frequency

domain. Fig. 4.7 shows the resulting PSD plots for each PCB across all three pressure
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Table 4.2: Comparison of COMSOL-predicted and measured combustion chamber eigenfre-
quencies for CH4-O2 tests.

Bi-coaxials AM Tri-coaxial
Mode Predicted [Hz] Measured [Hz] Deviation Measured [Hz] Deviation
1L 1890 1620 -14.3% 1720 -9.9%
2L 3766 3230 -14.2% 3410 -10.4%
3L 5603 4800 -14.3% 5280 -6.1%
4L 7351 6410 -12.8% 6840 -7.5%
5L 8924 7680 -13.9% 8450 -5.6%
6L 10354 N/A – 10070 -2.8%

conditions. Each plot depicts the PSD curves for all three injectors to directly compare the

dominant combustion instability frequency modes (represented by pronounced local maxima)

that manifest at each PCB. The predicted longitudinal chamber eigenfrequencies are overlaid

here for reference. Although chamber eigenfrequencies also predict transverse modes, these

fall outside of the examined frequency domain and are therefore ignored in this analysis.

Table 4.2 presents a comparison of the COMSOL-predicted and measured chamber longi-

tudinal eigenfrequencies from 1L to 6L with generally good agreement. The longitudinal mode

frequencies were over-predicted by simulation likely from using the equilibrium combustion

temperature (determined by NASA CEA), which was higher than the actual combustion

temperature considering that heat losses to chamber walls, non-uniformities in gas properties,

and bulk flow velocity effects were unaccounted for in this approximation. Over-predicting

chamber gas temperature leads to a higher speed of sound, and therefore higher-frequency

chamber acoustic modes. Notably, the measured frequencies for the tri-coaxial injector are in

somewhat better agreement with predictions.

In Fig. 4.7, a few general trends are readily apparent. For the flush (blue curve) and

recessed (purple curve) bi-coaxial injector designs, a dominant ∼60 Hz chugging mode was

present across all PCBs for all pressure conditions. The PCB PSD traces for these two

bi-coaxial are quite similar across the frequency domain of interest. For the 35 bar and 53

bar tests, the recessed configuration exhibited a marginally higher magnitude (+10%) for the
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Figure 4.7: Compiled power spectral density plots across the examined frequency domain for
each dynamic pressure sensor (PCB) for the 9 CH4-O2 test conditions. Each plot compares
PSD results for each of the three shear coaxial injector geometries.

60 Hz chugging frequency when compared to the flush bi-coaxial. However, for the 69 bar

case, the PSDs of the two bi-coaxial injectors are virtually identical (within 3%), particularly

for the low-frequency chugging modes and weaker longitudinal modes. The second most

dominant instability mode present for the bi-coaxial injectors was 1620 Hz (near the 1L

frequency). No other dominant instability frequencies were consistently present for these

injectors.

The tests that used the AM tri-coaxial injector (green curve in Fig. 4.7) demonstrated

considerably different instability characteristics than the bi-coaxial designs. First, while a

low-frequency chugging mode was still present, it shifted to a higher frequency of ∼130 Hz

and was significantly weaker (32–47% less) in magnitude than the bi-coaxial injectors’ 60 Hz

chugging mode. Additional dominant modes consistently manifested at 1720 Hz, 3410 Hz,
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and 5280 Hz, which show good agreement with the predicted longitudinal eigenmodes (1L,

2L, and 3L, respectively) of the chamber. In many test cases, the 1L mode (1720 Hz) was

the most pronounced instability for the tri-coaxial injector, and typically more intense than

the bi-coaxial injectors. As mentioned, the measured L-mode frequencies for the tri-coaxial

injector were closer to the COMSOL-predicted values compared to the bi-coaxial designs.

In Fig. 4.4, the axial location of the two in-chamber pressure sensors (PCB 2 and 3) are

displayed to show their positioning relative to the nodes (regions of no pressure fluctuations,

shown in grey) and antinodes (regions of large pressure fluctuations, shown in dark blue or

dark red) of the primary chamber longitudinal eigenmodes. PCB 3’s position (1.0 cm from

the injection plane) is generally closer to the antinode regions for all longitudinal modes,

whereas PCB 2’s position is closer to the middle of the chamber length (10.2 cm from the

injection plane) where odd longitudinal (e.g., 1L and 3L) nodes occur. Due to their relative

positioning, PCB 3 consistently measures more severe pressure changes at the 1L frequency

than PCB 2, as seen in Fig. 4.7. Similarly, PCB 2 and 3 exhibit quite similar magnitudes for

the 2L and 3L modes across many of the tests due to their similar positioning relative to the

nodes of the two longitudinal chamber eigenmodes.

4.3.3 Chemiluminescence videography

The second method used to characterize combustion instabilities was high-speed videogra-

phy that recorded 55,000 frames (over one second of steady state operation) of hydroxyl

chemiluminescence (OHCL) for each injector and test condition through a window in the

chamber. Importantly, this method enabled examination of the coupling between heat release

and pressure changes.
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4.3.3.1 Oscillatory flame structure

Chronological still images from OHCL video are shown in Fig. 4.8 for each injector at the 53

bar chamber pressure condition. The time increments between each frame were chosen such

that each 8-frame sequence captures more than one full period of each injectors’ corresponding

chugging mode. For example, a signal with a 60 Hz frequency results in a ∼16 ms period.

This figure illustrates the effects of the chugging mode instability on flame structure evolution.

Figure 4.8: Chronological still frames from raw OHCL video depicting CH4-O2 flame structure
changes from chugging instability for a representative 53 bar test case.
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The variation in flame structure over time is seen for both bi-coaxial injectors. Particularly

for the recessed configuration, the chugging instability is most noticeable between the 4 ms

and 20 ms frames where the flame length is elongated, and truncated at the 8 ms frame.

Alternatively, the tri-coaxial exhibits no visible chugging influence on flame structure as

the flame length remains relatively unchanged throughout the examined intervals. These

trends generally hold true for the entirety of the one second test window for each of the three

CH4-O2 chamber pressure conditions.

4.3.3.2 Time-averaged flame structure

Pixel intensity data is normalized by a single global maximum pixel intensity across all 9

time-averaged CH4-O2 tests. Fig. 4.9 shows contour plots of the normalized line-of-sight

Figure 4.9: Time-averaged images from OHCL video at the 53 bar test condition using
CH4-O2. Contour plots depict normalized line-of-sight pixel intensity.
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Figure 4.10: Representative time-averaged CH4-O2 injector flame structures from normalized
OHCL video data using a 0.5 iso-contour profile.

pixel intensities for the time-averaged data to compare the three injectors at a representative

chamber pressure condition (53 bar). The recessed injector’s flame brush (defined by the

width of the exothermic reaction zone at the injection plane) is 41% wider (on average) than

that of the flush design. Heat release from combustion is evident directly at the injection plane

as a result of the recessed, pre-mixed region just upstream of the injection plane. However,

the flush injector shows a visibly cool region immediately downstream of the injection plane

where no OH* emission (heat release) is present (highlighted in top subfigure of Fig. 4.9).

Some finite axial distance is required for the flush coaxial injector to sufficiently mix its

propellants prior to exothermically reacting, whereas the recessed injector’s pre-mixed region

allows for combustion to occur immediately after (or before) propellants enter the main

combustion chamber. This is discussed later in further detail in Sec. 4.5.5 as a likely driver
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of injection-coupled instabilities. It should be noted that the width of the tri-coaxial flame

images are slightly truncated by the limited width of the window (2.54 cm) which is exactly

half of the chamber’s inner diameter (5.08 cm).

Furthermore, a 0.5 iso-contour profile was extracted from each normalized and time-

averaged flame structure, and is plotted for all three chamber pressure tests in Fig. 4.10.

The axial distance between the injection plane and the position of the iso-contour profile

furthest downstream serves as a representative flame length metric, lf. lf is reflective of the

approximate length of an injector’s reaction zone required to achieve complete combustion

which is imperative for appropriately sizing a combustor. When compared to the flush

bi-coaxial injector, the recessed bi-coaxial and the tri-coaxial result in reduced flame lengths

between 8–28% and 46–49%, respectively. A reduction in flame length is indicative of enhanced

mixing, best demonstrated by the tri-coaxial design. The increased propellant contact surface

area from the addition of the third concentric flowpath facilitates accelerated shear-induced

mixing and combustion of the fuel and oxidizer. As the reactants exothermically react further

upstream, the energy released rapidly expands the combustion product gas and yields the

tri-coaxial’s divergent, mushroom-like flame structure seen here.

4.3.3.3 OHCL power spectral density

OHCL power spectral density was calculated over the one second of steady-state operation

for each test and is shown in Fig. 4.11. Here, local maxima represent dominant characteristic

frequency modes of fluctuating pixel intensity via OH* emission (i.e., heat release) from

combustion. The dominant frequencies revealed by the OHCL PSDs show good agreement

with some of the characteristic frequencies of pressure changes from the PCB dynamic pressure

measurements – indicative of coupling at these corresponding frequencies. Low-frequency

chugging modes near 60 Hz were observed for all recessed bi-coaxial tests, and for the flush

bi-coaxial at the 69 bar test condition. No low-frequency chugging modes were revealed by
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the OHCL PSDs for the tri-coaxial injector. However, the 1L mode (1720 Hz) was captured

for the tri-coaxial at the 35 and 53 bar cases, reducing with increasing chamber pressure and

flow rates, and was ultimately eliminated for the 69 bar test condition.

Figure 4.11: Power spectral densities from OHCL video data for each injector across all three
chamber pressure conditions using CH4-O2. Arrows point to the dominant frequencies of
OH* emission intensity fluctuations.
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4.4 Supplementary results using H2-O2 propellants

While methane-oxygen served as the primary propellant combination for this study, four

additional tests were conducted using gaseous hydrogen-oxygen propellants to investigate

the influence of propellant choice on the same combustion instability characteristics assessed

for CH4-O2. In this abbreviated supplementary study, the flush bi-coaxial injector and the

AM tri-coaxial injector were tested within the same single-element combustor at chamber

pressures of 35 and 53 bar. O/F and N/O ratios were targeted for 6.0 and 4.5, respectively.

These particular flow conditions were chosen such that similar combustion temperatures to

the CH4-O2 tests were achieved and combustor hardware integrity was maintained. Test

conditions can be found in Table 4.3.

The experimental procedures, measurements, and data processing methods employed for

the aforementioned methane-oxygen tests outline in Sec. 4.2 were identical for these hydrogen-

oxygen tests, except for fuel choice and flow conditions. Power spectral densities were

calculated for the PCB and OHCL data, revealing characteristic instability modes distributed

across the examined frequency domain. COMSOL-predicted chamber eigenfrequencies are

presented in Table 4.4 and are compared to the measured values for the two injectors tested.

Power spectral densities were computed and plotted in Fig. 4.12 for the three PCBs

across the four H2-O2 tests. The trends observed for these hydrogen-oxygen tests were

generally similar to the tests using methane-oxygen. The flush bi-coaxial injector again

exhibited a dominant low-frequency chugging mode at 60 Hz, followed by a weaker 1L

Table 4.3: Achieved flow conditions for all H2-O2 single-element combustor tests averaged
over one second of steady state operation.

Test Prop. Injector PC ṁox ṁf ṁN2 O/F N/O ∆Pinj,ox ∆Pinj,f

[bar] [g/s] [g/s] [g/s] [% PC] [% PC]
6186 H2-O2 Flush Bi 35.1 13.7 2.2 59.7 6.22 4.37 1.7% 3.3%
6189 H2-O2 AM Tri 35.1 13.2 2.3 60.3 5.75 4.56 1.4% 1.3%
6187 H2-O2 Flush Bi 53.3 19.6 3.3 88.9 5.94 4.54 2.7% 3.3%
6188 H2-O2 AM Tri 53.0 19.6 3.3 87.4 5.84 4.46 2.4% 1.5%
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Figure 4.12: Compiled power spectral density plots across the examined frequency domain
for each dynamic pressure sensor (PCB) at the four H2-O2 test conditions.

tone near 1740 Hz. Unlike the tri-coaxial tests using methane-oxygen where the dominant

instability frequency was the 1L acoustic mode, the hydrogen-oxygen tri-coaxial tests instead

Table 4.4: Comparison of COMSOL-predicted and measured combustion chamber eigenfre-
quencies for H2-O2 tests.

Flush Bi-coaxial AM Tri-coaxial
Mode Predicted [Hz] Measured [Hz] Deviation Measured [Hz] Deviation
1L 1879 1740 -7.4% 1890 +0.1%
2L 3752 3510 -6.4% 3740 0%
3L 5595 N/A – 5520 -1.3%
4L 7348 6890 -6.2% 7340 0%
5L 8925 8380 -6.1% 9130 +2.3%
6L 10367 10340 0% N/A –
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Figure 4.13: Power spectral densities of OHCL video data from H2-O2 tests.

demonstrated a dominant chugging frequency near 180 Hz. The 1L, 2L, and 3L acoustic

longitudinal modes were present for all three PCB sensors, whereas the 4L mode was only

registered by the oxidizer feedline PCB 1. Table 4.4 shows a comparison of the measured

longitudinal eigenfrequencies of the two injectors and the COMSOL-predicted values, showing

good agreement.

Fig. 4.13 shows the H2-O2 OHCL PSDs calculated over the one second of steady-state

operation for each test. Local maxima represent characteristic frequencies of fluctuating heat

release rates from combustion and show good agreement with the characteristic frequencies

measured by the PCB sensors. The OHCL PSDs for the flush bi-coaxial (blue curves)

depict a prominent chugging frequency at 60 Hz, with progressively weaker chugging modes

present near integer multiples of the dominant 60 Hz mode (e.g., 120, 180, 240, and 320 Hz).

The tri-coaxial OHCL PSDs (green curves) also illustrate moderately broadband chugging

behavior between ∼150–190 Hz, with a weaker tone present at ∼320 Hz. No high-frequency
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acoustic modes are seen in the OHCL PSD plots, suggesting that minimal injection-coupled

acoustic instability modes were present since the heat release rates did not fluctuate at high

frequencies.

4.5 Discussion and Analysis

Based on the previous results of Sec. 4.3, additional analyses were conducted to better

characterize and compare the instability metrics for the different coaxial injectors using

a variety of methods. The amplitudes of pressure oscillations over a range of frequencies

and conditions were calculated and compared as a primary metric of combustion instability.

Coupling behaviors were identified and quantified by calculating coherence and normalized

cross correlations between the chemiluminescence signals and the signals from the dynamic

pressure sensors. The potential sources and injector-dependent mechanisms that may be

responsible for the self-excited combustion instabilities are also discussed.

4.5.1 Amplitudes of pressure fluctuations

Combustion instabilities cause chamber pressure to spatially and temporally fluctuate. These

pressure differentials produce non-uniform forces on engine hardware that directly scale

with the amplitudes of the pressure changes. Therefore, while characterizing combustion

instabilities by their dominant frequency modes is insightful, the amplitudes of pressure

changes are more important to the lifecycle and performance of the engine. The root-mean-

square (RMS) amplitudes of the dynamic pressure fluctuations, ∆Pdyn,f , were quantified

for each of the dominant frequency modes across the one second steady interval and are

plotted in Fig. 4.14 for the low-frequency chug and high-frequency modes, with the latter

typically the 1L acoustic mode. The classical stability threshold of ∆Pdyn,f < 5% PC that

defines "smooth combustion" [58] in rocket combustor operation is overlaid on both plots

for reference. In the left subfigure of Fig. 4.14, it can be seen that both bi-coaxial injectors
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exceeded the stability threshold for all chamber pressure conditions at the ∼60 Hz chugging

mode. At this chugging frequency, the recessed version demonstrated the most extreme

chamber pressure fluctuations up to 26% PC (53 bar case, test 6233), followed by the flush

configuration with a maximum ∆Pdyn,chug up to 15% PC (69 bar case, test 6214).

Notably, the tri-coaxial maintained ∆Pdyn,chug < 2% PC for all test conditions. Chamber

pressure changes on the order of 1–3% are typically unavoidable in a combustor due to the

inherently random nature of turbulent combustion (a stochastic process) [129]. As seen in the

right subfigure of Fig. 4.14, the largest chamber pressure change for the tri-coaxial manifested

at the 1L mode (1720 Hz) for the 35 bar case and was 12.3% PC (35 bar case, test 6219) as

measured by PCB 3 (in-chamber closest to injection plane). With increasing propellant flow

rates, the severity of the ∆Pdyn,1L decreased for the tri-coaxial, notably dropping below the

stability threshold for the 53 and 69 bar test conditions but still higher than the bi-coaxial

injectors. Results from the high-speed dynamic pressure measurements strongly indicate that

the tri-coaxial injection scheme significantly reduces the severity of the chugging instability

mode and promotes smooth combustion over a broader range of flow rates compared to the

Figure 4.14: RMS chamber pressure fluctuations at the low-frequency chugging modes (left)
and high-frequency 1L acoustic mode (right) shown for each injector across the one second
steady state interval for all chamber pressure conditions using CH4-O2.
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bi-coaxial designs at the conditions tested herein.

4.5.2 Chemiluminescence-pressure coherence

The coupling between the pressure fluctuations (measured by the PCBs) and the heat

release rates from combustion (from OHCL measurements) was quantified across the relevant

frequency domain by calculating the magnitude-squared coherence, γOHCL-PCB, for these two

signals. Magnitude-squared coherence results are plotted in Fig. 4.15 on a 0–1 scale versus

Figure 4.15: Plots of magnitude-squared coherence versus frequency to quantify the coupling
between OHCL signal and PCB signals for the CH4-O2 tests.
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frequency for each PCB. Local maxima represent coupling severity between the pressure

changes and heat release rates at the corresponding frequency. For a given test, if local

maxima are not present at a specific frequency for both the PCB and the OHCL power

spectral density plots, a low coherence value should be expected. While the PCB PSDs

reveal various peaks that correspond to chug or acoustic modes, not all of these peaks are

observed in the OHCL spectra. This implies that the pressure fluctuations in the chamber at

those frequencies are not strongly coupled to the injector, hence why they are not present

in the OHCL-PCB coherence plots (Fig. 4.15). Coherence values below ∼0.4 were deemed

insignificant in this analysis since much of the broadband noise occurred up to this value.

For tests using the recessed bi-coaxial injector, singular pronounced peaks manifested for

all three PCBs around the 60 Hz chugging frequency with γOHCL-PCB values approaching 1,

indicative of two signals that are almost perfectly coupled. The flush injector shows strong

coupling (γOHCL-PCB = 0.8) at the 60 Hz chugging mode for the highest pressure case only. For

the 35 and 53 bar tests, the flush bi-coaxial shows moderate, broadband coherence between

frequencies of 40 and 200 Hz. Despite some high-frequency longitudinal modes appearing

in the bi-coaxials’ PCB PSDs, no pronounced peaks are present at these frequencies in the

coherence plots. This implies that the bi-coaxial high-frequency instabilities were purely

acoustic from hydrodynamic effects, and not thermoacoustic since heat release rates (indicated

by OHCL signals) appear independent of pressure changes at these acoustic frequencies.

The 35 bar test using the tri-coaxial injector depicts broadband coherence up to 400

Hz, while definitive sharp peaks appeared at the 1L and 2L acoustic modes with γOHCL-PCB

values of 0.83 and 0.51, respectively. Injection-coupling at high-frequency acoustic modes is

indicative of thermoacoustic instabilities. These two thermoacoustic modes were not observed

in the two higher pressure cases. The 53 bar case for the tri-coaxial exhibits no apparent

injection-coupling between pressure the heat release oscillations. The highest pressure case

(69 bar) demonstrated a moderately broadband coherence peak (γOHCL-PCB = 0.61) centered

at 120 Hz.
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4.5.3 Normalized cross correlation

Normalized cross correlation, Rxy, as defined in section 4.2, was computed and plotted in

Fig. 4.16 for signals of PCB 1 and the OHCL video across all tests to assess signal coupling.

Rxy serves as an additional metric of determining coupling characteristics between heat

release and pressure fluctuations. Strong coupling corresponds to high amplitudes with

positive Rxy values close to 1. Prior to computing Rxy, both the OHCL video data and the

PCB sensor data were low-pass filtered using 200 Hz as the corner frequency to isolate and

assess the low-frequency chugging modes. Consistent with the coherence results, the recessed

bi-coaxial injector exhibited a strong cross correlation between heat release and pressure

oscillations indicated by the high-amplitude and sinusoidal nature of the Rxy plots, which is

also demonstrated by the flush bi-coaxial injector at the 69 bar chamber pressure condition.

By contrast, the tri-coaxial injector exhibited relatively low amplitude cross correlation

and rapid decay across test conditions, further supporting the implicit decoupling of the

chugging frequencies. Specifically for the tri-coaxial 53 bar case, both Fig. 4.15 and 4.16

imply independence of heat release and pressure fluctuations at low frequencies.

The signal delay time, tdelay [ms], extracted from these plots by taking the positive time

value at which the first local maxima of Rxy occurs and listed in the bottom left of each

plot, can be associated with the response time required for a change in the oxidizer feedline

pressure from the PCB location to cause a change in the burning rate within the chamber

(as measured by OH* emission intensity). That is, tdelay defines the temporal phase shift

for the two signals (pressure change at PCB 1 and OH emission from heat release in the

chamber) to be perfectly in phase. This physical mechanism assumes the timescales of the

chemical reaction kinetics are much shorter than the periods of the chugging frequencies.

The differences in signal delay time between the three injectors can then be attributed to the

differences in the axial extent of the injectors’ combustion zone, which are determined by

mixing timescales. Here we can consider a concentrated combustion model [33] where the

131



Figure 4.16: Normalized cross correlation is plotted for the PCB1-OHCL signals versus time
across all CH4-O2 test conditions. Resulting signal delay time values are listed at the bottom
left of each plot.

exothermic reaction zone of the flame can be approximated as a single axial point within

the chamber, such as the average axial length of the iso-contour centers as seen in Fig. 4.10.

The resulting local change in chamber pressure from combustion processes would therefore

have to travel a shorter distance back upstream to where PCB 1 is located if the axial flame

length is shorter, as noted by the higher chug mode frequency and shorter flame length of

the tri-coaxial injector. The signal correlation trends in Fig. 4.16 provide supplementary

insight in the interpretation of the magnitude squared coherence data (Fig. 4.15). First,

the signal time delay between peak-to-peak local maxima in the correlation plots translate

directly to the chugging frequency observed for all injectors (Fig. 4.15). The resulting tdelay

values generally suggest that it is independent of total propellant flow rate and chamber

pressure, yet extremely dependent on injector design. Slight variations in tdelay were seen

with increasing chamber pressure (i.e., increasing flow rates), as the mixing timescales and
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axial flame length scales change with pressure as seen in Fig. 4.10.

The decay rates of the peak-to-peak local maxima in Fig. 4.16 indicate dominance in the

preferred chugging frequency: a slower or faster decay in the peak-to-peak correlation would

translate to a narrow or wider, respective, frequency band of chugging. This is exemplified in

Fig. 4.15 by comparison of the flush bi-coaxial test at 69 bar, with the recessed bi-coaxial test

case at 35 bar, where the chugging frequency band of the former test case is much narrower

than the latter. Finally, lower amplitude peaks in the magnitude-squared coherence were

observed at roughly half the chugging frequency (30–40 Hz) for the flush bi-coaxial injector

tests at 35 and 53 bar, which can be directly correlated to the peak-to-peak correlation

amplitude trends. Observing these two cases in the corresponding subfigures (Fig. 4.16),

the local, positive correlation peaks oscillate every other peak. Albeit a small amount, this

indicates coupling between the OHCL-PCB signals at roughly half the chugging frequency.

4.5.4 Supplemental H2-O2 discussion and analysis

The amplitudes of pressure changes, coherence, and normalized cross correlation results are

presented for the supplemental tests using H2-O2. As mentioned, only the flush bi-coaxial

and tri-coaxial injector were tested using H2-O2 propellants at the 35 bar and 53 bar chamber

pressure conditions. Some key takeaways are mentioned here, and supporting analyses are

presented and discussed further in this subsection. A low-frequency chugging mode prevailed

for both the flush bi-coaxial (∼60 Hz) and tri-coaxial (∼180 Hz), although they differed

significantly in ∆Pdyn,chug. The flush bi-coaxial was observed to be far less stable when using

H2-O2 (∆Pdyn,chug over 24% PC), compared to a similar chamber pressure condition with

CH4-O2 (∆Pdyn,chug 10% PC). Strong injection-coupling was observed at the flush bi-coaxial

chugging frequency (∼60 Hz), as well as for higher order harmonics of this frequency (∼120

Hz, ∼180 Hz, and ∼240 Hz).

On the other hand, the tri-coaxial injector’s stability improved with H2-O2 compared to
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Table 4.5: RMS amplitudes of dynamic pressure fluctuations for low-frequency chug and
high-frequency 1L instabilities (H2-O2 tests).

Parameter [units] Test 6186 Test 6189 Test 6187 Test 6188
Injector Flush Bi AM Tri Flush Bi AM Tri
PC [bar] 35.1 35.1 53.3 53.0
PCB 1 ∆Pdyn,chug [%PC] 13.3% 1.3% 13.4% 1.3%
PCB 2 ∆Pdyn,chug [%PC] 24.4% 3.3% 20.3% 3.3%
PCB 3 ∆Pdyn,chug [%PC] 20.4% 2.7% 17.3% 3.0%
PCB 1 ∆Pdyn,1L [%PC] 1.3% 1.4% 0.5% 0.9%
PCB 2 ∆Pdyn,1L [%PC] 1.3% 1.3% 0.5% 0.9%
PCB 3 ∆Pdyn,1L [%PC] 1.2% 1.2% 1.3% 1.2%

the CH4-O2 tests, with a maximum RMS ∆Pdyn,f of 3.3% PC, therefore achieving "smooth

combustion" for both chamber pressure conditions. Acoustic instability modes were compara-

ble between the two injectors, only ranging from ∆Pdyn,1L = 0.5–1.4% PC for all H2-O2 tests.

No acoustic modes were captured for either injector in the OHCL PSDs. The root-mean-

square amplitudes of the dynamic pressure fluctuations, ∆Pdyn,f , were quantified for each of

the dominant frequency modes across the one second steady interval and are listed in Table

4.5 for the low-frequency chug and high-frequency modes, respectively. The flush bi-coaxial

injector demonstrated severe pressure fluctuations at the 60 Hz chugging mode frequency for

both chamber pressure conditions, ranging from 13.3% to 24.4% PC. While the tri-coaxial

injector’s most dominant instability mode was the ∼180 Hz chug, the ∆Pdyn,chug was roughly

an order of magnitude less than that of the flush bi-coaxial, only ranging from 1.3% to 3.3%

PC. The ∆Pdyn,1L values for both injectors were relatively identical, remaining below 2% PC.

No evidence of thermoacoustic instabilities were observed for any of the H2-O2 tests. Notably,

the "smooth combustion" requirement of ∆Pdyn,f < 5% PC was achieved only by the AM

tri-coaxial design for both chamber pressure conditions. The relative magnitudes of ∆Pdyn,f

(in units of %PC) for both injectors generally decreased with increasing flow rates from the

35 bar to the 53 bar test case, indicating that stability could improve with higher propellant

flow rates when using hydrogen-oxygen propellants.

To better understand the coupling between the heat release and pressure fluctuations, the
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Figure 4.17: Plots of magnitude-squared coherence versus frequency to quantify the coupling
between OHCL signal and PCB signals for the H2-O2 tests.

Figure 4.18: Normalized cross correlation is plotted for the PCB1-OHCL signals versus time
across all four H2-O2 test conditions. Resulting signal delay time values for each PCB sensor
are listed at the bottom left of each plot.
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magnitude-squared coherence, γOHCL-PCB, was calculated for the OHCL-PCB signals. The

cyan curves reflect the coherence of the OHCL signal and PCB 1 in the oxidizer feedline,

thus specifically representative of injection-coupled instabilities. Fig. 4.17 shows plots of

γOHCL-PCB versus frequency for the four H2-O2 test conditions. Here, strong coupling is

displayed between heat release and pressure changes for the flush bi-coaxial injector at the

∼60 Hz chugging frequency. Definitive peaks are present, with maximum γOHCL-PCB values

of 0.93 and 0.97 for the 35 and 53 bar tests, respectively, and moderate coupling at integer

multiples of this dominant chugging mode up to ∼240 Hz. The AM tri-coaxial coherence plots

also show relatively strong coupling near the tri-coaxial injector’s chugging frequency of 180

Hz with γOHCL-PCB reaching values of 0.78 and 0.70 for the 35 and 53 bar tests, respectively.

Lastly, normalized cross correlation, Rxy, was calculated for the OHCL signal and PCB 1.

This served as an additional method of describing injection-coupling characteristics between

heat release and propellant feedline pressure changes, specifically for the low-frequency

chugging modes. Fig. 4.18 shows Rxy plotted versus time for each of the four H2-O2 test

conditions. Similar to the methane-oxygen tests, the high-amplitude and steady sinusoidal

nature of the Rxy plots for the flush bi-coaxial tests is a good representation of strong

coupling between in-chamber burning rates and fluctuations in the propellant injection rates.

Alternatively, the AM tri-coaxial injector demonstrated significant stability improvements

for the injection-coupled chugging instability as seen by the lower Rxy amplitudes and rapid

peak-to-peak decay rates. While the H2-O2 test matrix was quite limited, and quantitative

results varied as would be expected, these analyses are supportive of several trends observed

for CH4-O2 tests, indicating the extensibility of the comparative injector characteristics across

propellants.
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4.5.5 Injector-dependent instability mechanisms

While combustion instabilities were present to some degree for all hot-fire tests, they varied

significantly between the bi-coaxial and tri-coaxial injection schemes. The compiled findings

of this combustion instability study strongly suggest that the AM tri-coaxial injector design

results in a preference towards intrinsic acoustic instabilities, while significantly weakening

or even eliminating injection-coupled instabilities for the higher flow rate conditions tested

despite minor changes in injection pressure drops. Recall that intrinsic instabilities are

independent of injection rate variations, and are rather only determined by the phasing of

burning rate processes and chamber acoustics. On the other hand, both bi-coaxial designs were

consistently observed to produce high-amplitude, low-frequency chugging instabilities. Strong

injection-coupled instability behavior was evident between cyclic changes in heat release rates

and pressure fluctuations across most of the bi-coaxial test conditions. Potential injector-

dependent mechanisms that can incite and/or sustain combustion instabilities, relevant to

those observed in this work, are discussed below to help understand the differences between

injector stability characteristics.

4.5.5.1 Pressure-sensitive elements

Both bi-coaxial injectors, especially the recessed configuration, demonstrated strong injection-

coupling instability behavior as the oscillations in feed-system injection rates prevailed as

the dominant rate controlling process of instability amplification. Coaxial injectors with

a recessed oxidizer post have been observed to have some combustion occur within the

recessed, pre-mixed region of the element [85]. Injector elements are considered to be more

"pressure-sensitive" when combustion processes in the chamber are significantly dependent

on the initial conditions within the element itself [88]. A higher pressure sensitivity results in

local in-chamber pressure disturbances to more easily propagate upstream into the injector

flowpaths, consequently changing propellant mixing and compressible flow properties, and
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ultimately invoking considerable modulations of heat release rates that add to the instability

amplification cycle [88].

Substantiated by experimental observations and data recorded in this work (e.g., Sec.

4.3.3.2, Fig. 4.9), a finite amount of combustion is believed to have occurred within the

pre-mixed region of the recessed bi-coaxial injector during steady-state operation. The

intra-element combustion that precedes main propellant injection into the chamber generates

local pressure changes which directly alters injection rates and therefore varies in-chamber

heat release rates. By definition, recessed coaxial injector elements are generally more

pressure-sensitive than flush injector configurations, and henceforth, are more susceptible to

low-frequency injection-coupled (chug) combustion instabilities at low injection stiffnesses, as

consistently observed in this study.

4.5.5.2 Vortical flow structures

When coaxial fluid jets (with different momentum flux ratios) mix, vortices are produced

from viscous shear layer interactions, leading to an intrinsic hydrodynamic phenomena that

spontaneously initiates self-sustained flow oscillations [61, 71]. In cases of high velocity ratio

flow, like those employed in practical rocket injectors, these vortices can periodically detach

from the main flow, also known as vortex shedding. Oscillatory generation of vortical flow

structures cause unstable perturbations in the injection flow-field, and are accepted as a

potential initiation mechanism of self-excited, injection-coupled combustion instabilities. For

example, instabilities are provoked when the oscillatory flow frequency (similarly described

by the dimensionless Strouhal number) resembles that of chamber acoustic modes. Experi-

mental and computational studies that have investigated vortex shedding on coaxial injectors

concluded that a recessed oxidizer post tends to encourage the generation of high-amplitude

flow perturbations and large vortical flow structures that can emanate into the combustion

chamber [9, 61, 138].
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Figure 4.19: Magnified OHCL images depicting vortex shedding tendencies after main
injection for each coaxial injector at the 53 bar CH4-O2 condition.

While a comprehensive vortex shedding analysis is outside of the scope of this work,

qualitative insight can be obtained from flame structure features observed in the OHCL video

data. Fig. 4.19 shows magnified OHCL images of the near-field mixing region immediately

downstream of the injection plane. The flush and recessed bi-coaxial designs exhibit clear evi-

dence of vortical flow structures within the near-field mixing region immediately downstream

of the injection plane. The recessed injector’s near-field flow structure regularly contained

particularly large wake features, which are on similar scales to that of the injection element’s

outlet diameter. The same is true for the flush configuration, albeit less severe than the

recessed.

Since real flows are not inviscid, and propellant jet Reynolds numbers ranged from

(0.3− 7.0)× 105, vortex generation is inevitably present in the injection flow-field to some
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degree, which is desirable for improved mixing via induced turbulence at the jet interface

layers. However, the tri-coaxial’s near-field flow structure routinely resembled quasi-laminar

behavior. That is, while vortices were certainly present, they occurred on a scale small enough

such that they were not sufficiently visible due to the resolution of the OHCL imaging system.

The images displayed here in Fig. 4.19 are representative of behaviors and flow-field features

that were consistently observed for each corresponding injector over all 13 test conditions,

which includes both propellant combinations. Fig. 4.8 can be referenced for additional frames

that further support this claim.

4.5.5.3 Flame-antinode proximity

Injectors with shortened flame lengths (from rapid near-field propellant mixing and com-

bustion) are in general more desirable in rockets (where overall system mass is a concern)

since they can shorten the axial length required for the combustion chamber. However,

shortened flame lengths can amplify longitudinal acoustic instabilities since a greater portion

of the combustion may be concentrated in an antinodal region, causing larger variations

in resultant burning (heat release) rates and more work to be produced by the gas [33].

The bi-coaxial flames were on average 2–3 times longer than the tri-coaxial, and therefore

extended further away from the longitudinal antinodes, causing relatively weak high-frequency

acoustic instabilities with RMS pressure fluctuations remaining under 2% PC for all tests.

In contrast, the tri-coaxial flame was concentrated more closely to the antinodes of the

longitudinal eigenmodes (see Fig. 4.9 and relative flame length scales in Sec. 4.3.3.2). This

may explain why the RMS amplitudes of the 1L mode pressure fluctuations associated with

the tri-coaxial injector were larger than that of the bi-coaxial injectors – particularly for the

35 bar case when the tri-coaxial flame was most confined to the injection plane (antinodal

region). As propellant flow rate increased, the tri-coaxial flame extended further downstream

in the combustor away from the antinode, and resulted in reduced pressure amplitudes at the

longitudinal acoustic frequencies.
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4.5.5.4 Mixing influence on stability

The tri-coaxial injector’s additional concentric propellant flowpath enhanced rapid near-field

and fine-scale turbulent mixing and combustion processes. This enables a more uniform

injection mass-flux distribution and energy release rates throughout the chamber from a

smoother combustion process, ultimately serving as an intrinsic stability mechanism [58].

Furthermore, the tri-coaxial injector produces a wide, divergent flame shape, unlike the

bi-coaxial flames which resemble more of a cylindrical flame structure that extended 2-3 times

further downstream in the combustor. The mushroom-like structure of this tri-coaxial flame,

well-illustrated by Fig. 4.8, 4.9, and 4.10, typically encompasses the entire inner diameter

of the combustor. The stochastic, dissipative nature of enhanced turbulent mixing and

combustion acts as an acoustic damping barrier by attenuating sound energy as it propagates

through the fluid – an additional inherent stability attribute of the tri-coaxial injection

scheme.

4.5.5.5 Organ pipe resonances

The oxidizer post of a shear coaxial injector element contains inherent axial "organ pipe"

resonances. Yu et al. [150] conducted variable resonance experiments by continuously

changing the effective length of a coaxial injector’s oxidizer tube using methane-oxygen

propellants. Chia [25], and Morgan and Sokolowki [90] performed similar variable chamber

resonance experiments by continuously altering the combustor length during hydrogen-oxygen

combustion with a shear coaxial injection scheme. These investigations concluded that

injection-coupled acoustic instability behavior is extremely dependent on the relative lengths

of the combustor and the oxidizer tube. The organ pipe resonances have long been identified

as contributors to self-excited longitudinal combustion instability amplification when these

frequencies coincide with chamber acoustic modes [55,56,59,129]. Injector post organ pipe
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resonant frequencies can be determined by:

fn =
na

2l
n = 1, 2, 3, ... (4.4)

fn =
na

4l
n = odd (4.5)

where Eqn. 4.4 is for an open-end/open-end pipe, whereas Eqn. 4.5 is for a closed-end/open-

end pipe. Here, fn is the n-th longitudinal mode frequency in Hz, a is the speed of sound of the

propellant gas in m/s, and l is the length of the post in meters. When calculating the speed of

sound, the temperatures used here were from values measured during testing and found to be

between 292–298 K for all gases. The resonant frequencies were characterized for the oxidizer

tubes for both bi-coaxial injectors which were approximated as an open-end/open-end pipe.

The lowest resonant frequency of the flush bi-coaxial and the recessed bi-coaxial oxidizer

posts were determined to be 865 Hz and 908 Hz, respectively. While these bi-coaxial

oxidizer post resonant frequencies are not near any chamber eigenmode frequencies, their

odd overtones do resemble the chamber longitudinal modes and could have contributed

instability amplifications at these frequencies. Odd overtones correspond to even multiples

of the organ pipe frequencies: 1730 Hz, 3460 Hz, 5160 Hz, etc. for the flush bi-coaxial, and

1816 Hz, 3632 Hz, 5448 Hz, etc. for the recessed bi-coaxial. However, all high-frequency

acoustic mode pressure oscillations (including the 1L) were insignificant in comparison to

the low-frequency chugging for both bi-coaxial injectors, so the influence of the oxidizer post

organ-pipe resonances on overall instabilities appears to be relatively negligible in comparison.

On the other hand, the central post of the AM tri-coaxial injector contained the fuel,

and due to its geometry, was considered as a closed-end/open-end pipe. For methane, the

lowest resonant frequency of the AM tri-coaxial’s central fuel post was determined to be 3302

Hz, which is similar to the 2L mode (3410 Hz measured, 3766 Hz predicted). Local maxima

consistently appeared at the 2L frequency for the tri-coaxial but their magnitudes were

relatively low. For hydrogen, the lowest resonant frequency of the AM tri-coaxial injector was
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determined to be 9963 Hz. It is generally difficult to quantify the extent of the influence of

the injectors’ organ pipe resonances on the chamber acoustic modes. However, corresponding

amplitudes of pressure fluctuations (previously discussed in section 4.5.1) at these modes

where organ pipe resonances might play a role in chamber pressure changes were relatively

minor compared to the alternative frequencies observed. Therefore, all injector organ pipe

resonances were considered to have a minor effect on combustion instability amplification for

the tests examined in this study.

4.6 Chapter summary

Multiple shear coaxial injector designs were tested within a single-element pressurized combus-

tor experiment at low injector stiffness to characterize and compare self-excited, longitudinal

combustion instability behavior. One of these designs was a monolithic shear tri-coaxial

injector enabled by additive manufacturing that exhibited exceptional mixing performance.

The tri-coaxial injector stability results were compared to two traditionally-manufactured

shear bi-coaxial geometries with and without a recessed oxidizer post (lr/dox = 0 and 1.7,

respectively). Combustion chamber pressures ranged from 35–69 bar. Methane-oxygen served

as the primary propellant combination at an approximate O/F ratio of 2.9. Two separate

techniques were simultaneously employed to characterize combustion instabilities for each

injector design during a one-second steady state interval of each hot-fire test. High-speed

pressure measurements were recorded within the combustor and the oxidizer feed system

using PCB piezoelectric dynamic pressure sensors. RMS amplitudes of pressure changes were

determined over the steady-state interval. High-speed chemiluminescence videography was

recorded to capture fluctuations in the spontaneous emission of the excited hydroxyl radical,

OH*, from each coaxial flame within the combustor. Characteristic frequencies of combustion

instability modes were determined for both methods by calculating power spectral densi-

ties across the examined frequency domain. The measured high-frequency acoustic modes
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showed good agreement with the chamber’s COMSOL-predicted eigenfrequencies. Coupling

between the heat release from combustion and pressure fluctuations was quantified through

magnitude-squared coherence and through normalized cross correlations. Supplementary

tests were also conducted using hydrogen-oxygen propellants with the same injectors.

The bi-coaxial injectors, particularly the recessed configuration, demonstrated severe

injection-coupling behavior via observed low-frequency chugging modes. At the bi-coaxial

chugging frequency of approximately 60 Hz, the flush and recessed injector configurations

exhibited RMS dynamic pressure changes upwards of 15% and 26% PC, respectively. The

AM tri-coaxial injector design primarily exhibited intrinsic acoustic instability behavior

as suggested by dominant frequencies commonly appearing near the 1L chamber acoustic

frequency. Injection-coupled instability behavior was typically inconsequential for the tri-

coaxial injector, except for the lowest chamber pressure condition. Effectively no chugging

mode was captured for the tri-coaxial, as it maintained low-frequency pressure oscillations

under 2% PC for all test conditions. Notably, the AM tri-coaxial injector consistently promoted

a smoother combustion process over a range of flow rates, maintaining RMS amplitudes

of pressure fluctuations less than 5% of PC for two of the three test conditions. Across all

tests, the bi-coaxial injector designs exceeded this 5% PC threshold due to low-frequency

chugging. The improved stability performance of the tri-coaxial design is attributed in part

to enhanced mixing from the addition of the third concentric flow path and increased shear

layer contact area. In addition to a significant flame length reduction, this resulted in more

spatially uniform heat release throughout the chamber, negligible vortical flow structure

generation, and improved damping of in-chamber pressure disturbances, compared to the

bi-coaxial designs.

Future work is expected to involve experimental and computational analyses that further

investigate the effects of bi- and tri-coaxial jet mixing on self-excited instability initiation

mechanisms (e.g., vortex shedding). The tri-coaxial injector’s ability to respond and recover

from a finite, high-amplitude instability trigger, such as an in-chamber explosive, should
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also be experimentally evaluated. Eventually, tri-coaxial mutli-element testing should be

conducted to assess combustion stability characteristics on a larger-scale rocket engine. To

the authors’ knowledge, this work serves as the first examination of combustion instability

characteristics of a shear tri-coaxial rocket injector, and demonstrates the potential of

additively-manufacturing to enhance performance of rocket combustion devices.
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CHAPTER 5

Minimizing hydraulic losses in additively-manufactured

impinging liquid rocket injectors

5.1 Introduction

In liquid rocket engines (LREs), the injector plays a pivotal role in determining propulsion

efficiency, with even minor design variations significantly impacting combustion stability and

overall performance [58]. LRE injectors function as the interface between the propellant

feed system and the combustion chamber, responsible for facilitating the precise delivery,

atomization, and mixing of propellants to produce a stable combustion process. A commonly-

used method of liquid propellant injection is directing two or more separate liquid streams or

jets into each other to induce liquid break-up and mixing through momentum transfer, also

known as impinging injection. In this work, we focus on the hydraulic efficiency with which

such impinging injector elements can introduce propellants with minimal total pressure loss,

with potential enhancements and drawbacks associated with additive manufacturing.

In liquid rocket injectors, hydraulic performance is most closely associated with injector

pressure drop, ∆Pinj, also sometimes called injector stiffness. The static pressure drop in a

liquid injector is associated with the acceleration of liquid propellants through the injector

elements and into the combustion chamber, and has traditionally been targeted as 15–20%

of nominal chamber pressure [58]. While higher values of ∆Pinj are associated with better

atomization and improved suppression of combustion instabilities, high ∆Pinj is undesirable

at the system or vehicle level. Higher ∆Pinj requires larger/heavier feed system pressurization
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hardware, which reduces overall vehicle performance via increased dry mass. High ∆Pinj can

also sometimes produce excessive propellant inlet velocities [53] and negatively affect LRE

throttling capabilities [58].

Injector pressure drop, ∆Pinj, can be split up into two components:

∆Pinj = ∆Pideal +∆Ploss (5.1)

Here, ∆Pideal is the ideal pressure differential required to deliver propellants at a given

mass flow rate into the combustion chamber, which assumes incompressible, inviscid flow

with no energy losses (therefore, total pressure is conserved and no entropy is generated).

This pressure differential across injector orifices imparts kinetic energy to the propellant jet,

thereby supplying the energy required for efficient atomization and mixing. In contrast, ∆Ploss

accounts for the hydraulic head losses associated with viscow dus energy dissipation from

inertial (changes in floirection) and frictional (surface) effects, both of which are contingent

upon injector flowpath geometry and surface characteristics. ∆Ploss is a metric for quantifying

the loss in total pressure. Hydraulic losses are undesirable because they reduce the total

pressure across the injector without contributing to the axial momentum of the liquid jet

and should therefore be avoided. For impinging injectors, the manifold to orifice geometry

is a significant contributor to ∆Ploss. The relevant features of orifice geometry include the

entrance or inlet to the orifice, the bore diameter, the bore length, as well as the orifice exit

profile. These design features are examined with various metrics for hydraulic losses.

The discharge coefficient, CD, is a key hydraulic performance metric used to characterize

the aggregate hydraulic losses of a fluid passageway. CD relates the total injector pressure

drop to known flow conditions and injector outlet (orifice) geometry, and is defined as:

CD ≡ ṁmeas

ṁideal
=

ṁmeas

A
√

2ρ∆Pinj
(5.2)
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Here, ṁmeas [kg/s] represents the actual mass flow rate of propellant with density ρ [kg/m2]

through an orifice with a cross-sectional flow area A [m2], and the total injector pressure drop

∆Pinj [Pa] across the measured flowpath. The ∆Ploss component of total injector pressure

drop can be determined from CD by:

∆Ploss = ∆Pinj(1− C2
D) (5.3)

An ideal flowpath with minimal hydraulic losses would result in a CD ≈ 1, resulting in a

∆Ploss ≈ 0 and thereby conserving total pressure across the injector.

The complexity of component design has historically been restricted by the geometry and

accessibility of machining tools, which can be limiting for parts that require material to be

removed internally such as for propellant flowpaths within an injector element or within the

injector manifold. Specific to impinging injectors, orifice geometry and sizing are critical

design parameters that significantly affect propellant flow patterns, discharge coefficients,

atomization quality and distribution, and local mixing [128]. LRE impinging injector orifices

are traditionally fabricated via milling and drilling techniques. Orifice discharge coefficients

tend to gradually increase with larger orifice diameters, but are also highly sensitive to orifice

inlet geometry. Work done by Friant et al [39] in the 1950’s characterized injector discharge

coefficient for various orifice inlet geometries (e.g., sharp-edged, chamfered, and rounded

inlets) fabricated using conventional machining. Burrs located at the orifice inlet were a

common manufacturing defect and were also included in Friant’s study. Fig. 5.1 illustrates

how orifice CD generally trends with different orifice inlet features and their associated

characteristics (figure adapted from [39]). It was shown that rounded orifice entrance profiles

with more gradual changes in flow area (higher R/D) achieved the highest CD. In typical

LRE impinging injectors, orifice CD’s typically range from 0.50 to 0.92, with the higher end

values enabled by smooth bores and rounded orifice inlets [58]. Rounded inlets can be formed

using a special contoured mechanical cutting tool, but require direct accessibility for proper
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Figure 5.1: Discharge coefficient as a function of orifice inlet geometry. Adapted from Ref. [39].

fabrication. Such conventional subtractive manufacturing techniques employ fixed tooling

geometry and often have restricted tooling accessibility, which can complicate the already

process-intensive injector fabrication.

The recent maturation of additive manufacturing (AM) with high-performance metal

alloys has revolutionized the design and development of modern combustion devices [48].

Beyond the practical economic and production-rate advantages for prototyping, AM also

provides more design flexibility, enabling a new means to tailor the fluid dynamics of

combustion devices to maximize system performance. There is much potential for LREs

to exploit the benefits of AM component design, particularly those related to propellant

injection. AM enables accelerated production of monolithic injector designs, allowing for

rapid-prototyping, dramatically reducing part counts and total mass of injection systems, and

simplifying/improving interpropellant joint sealing. To date, AM injectors have demonstrated

equivalent combustion performance to conventionally-manufactured injectors, and exceptional

life-cycle performance over a wide range of LRE thrust classes [8, 44, 48,49,95,96,131]. AM
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injectors permit the implementation of complex fluid passageways and orifice profiles that can

increase element density, enhance propellant mixing, and reduce injector manifold ("dribble")

volume [8, 44,48,132]. The most popular AM method in the aerospace industry for metallic

parts is Laser Powder Bed Fusion (L-PBF), which is well-known for producing high-precision,

fully dense components [48]. In the L-PBF method, metallic powder feedstock is selectively

melted by a focused laser beam, and then rapidly solidifies layer-by-layer into a complete

solid part [15].

The expanded design freedom of additive manufacturing enables flowpath tapering which

mitigates the inertial losses generally associated with sharp features within conventionally-

manufactured injector geometries. In this work, LRE impinging injection schemes were

designed with AM-enabled flowpath tapering as a means of mitigating the hydraulic inertial

losses from the sharp flowpath features associated with conventionally-manufactured injector

designs. However, the increased surface roughness inherent to AM parts can introduce

additional frictional viscous losses, potentially offsetting the hydraulic benefits of the AM

geometric optimization. Average surface roughness for L-PBF parts can range from 0.0002"–

0.0025" (5µm–65µm) [124]. For context, the average surface roughness of conventionally-

machined metallic surfaces typically ranges from 0.000015"–0.00006". The layer-by-layer

manufacturing process creates a "stair-step effect" on sloped surfaces, thereby making layer

thickness and print angle primary contributors to AM surface roughness. Several other factors

that influence AM surface topology are metallic powder distribution, non-uniform melting,

thermal effects, and laser power and scan strategy [27, 124]. Limitations in the ultra-fine

control of AM parameters inevitably results in a stochastic surface at small scales. Fig. 5.3

shows images captured by a scanning electron microscope of an AlSi10Mg L-PBF printed

surface at various magnifications. The consequences of AM surface roughness are particularly

meaningful in the small orifice geometry, where cross-sectional flow area is minimized and flow

velocity is maximized. At scales similar to smaller orifice diameters, AM surface roughness can

occupy a finite and spatially-varying fraction of the orifice flow area. This can perturb flow
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characteristics and potentially shift CD. The issue of flowpath surface roughness from additive

manufacturing can be overcome by supplementing with post-print polishing techniques (i.e.,

flow machining, or honing, to improve flowpath surface finish as demonstrated by our research

group in Ref. [97]) or simply through advancements in as-printed surface finish.

Conventional impinging injector design criteria for LREs have been well-understood for

decades [43], and the influence of certain injector design features (i.e., orifice geometry) on

flow characteristics and hydraulic losses has also been thoroughly examined [1,43,68,77,78,80,

107,108,111,126,133]. However, with the recent emergence of additive-manufacturing, new

Figure 5.2: (Left) Schematic of a typical L-PBF machine. (Right) Schematic of the laser and
powder bed interface with key operating parameters labeled. Both images from Ref. [120].

Figure 5.3: Multi-scale surface topology images captured by a scanning electron microscope
of a AlSi10Mg part printed using L-PBF. From Ref. [137].
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research is required to amend, modify, or validate these pre-established guidelines, particularly

those related to injector hydraulics. Despite AM injectors’ lucrative benefits and wide use in

today’s aerospace industry [15,49,98,127,131], specific research on hydraulic losses in AM

liquid injectors is scarcely available in public literature. Morrow [91,92] used a computational

fluid dynamics (CFD) analysis to optimize intraelement flowpaths of a liquid bi-propellant

swirl coaxial rocket injector via AM-enabled features that attenuated inertial losses. His

CFD simulations demonstrated enhanced hydraulic performance through rounded inlets and

tapering, indicated by notable reductions in discharge coefficient. Our research group recently

designed, printed, and cold-flow tested a pair of first-generation, additively-manufactured

liquid impinging injector with similar tapered flowpath features [97]. Results from cold-flow

testing demonstrated that the AM-enabled tapered flowpath could reduce hydraulic losses,

and that injector hydraulic performance could be further enhanced with honing. This prior

work has motivated a more rigorous examination of the fluid dynamic effects associated with

additive manufacturing and opportunities to optimize injector hydraulics.

In this chapter, a coupled computational and experimental study is presented to inform

impinging injector design to minimize hydraulic losses through additively-manufactured

flowpath geometries and various post-processing techniques. It should be noted that impinging

injector orifice diameters have ranged from 0.004"–0.750" for 1-lb-thrust engine and a

booster-class engine, respectively, but typical orifice diameters fall somewhere between 0.015"–

0.080" [43,54]. For mixing and combustion performance considerations, small-diameter orifices

are typically desired since they enhance propellant mixing though improved atomization

and reduced vaporization times, as well as enabling higher element density. This provides

a pathway for more compact combustor designs with higher efficiency. As such, this work

examined impinging injector flowpaths on the lower end of this range, with orifice diameters

varying between 0.012" and 0.024". Injector discharge coefficient, CD, served as the primary

metric used to characterize the aggregate hydraulic performance. Sec. 5.2 first reviews the

relevant fundamental fluid mechanical principles that govern injector pressure drop. Sec. 5.3
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then introduces a canonical conventionally-manufactured impinging injector design, and the

approach for hydraulic enhancement with modifications that leverage additive manufacturing.

The computational analysis framework is outlined in Sec. 5.4, which describes all relevant

settings and assumptions applied to the fluid dynamics models. Sec. 5.5 discusses CFD

results which provide predictions of CD for various injector flowpath designs and reveal

flowpath features that generate high hydraulic losses, informing design modifications. A

combination of smooth-wall and rough-wall CFD simulations help distinguish the relative

extent of the inertial and frictional viscous effects involved. A select number of designs

were additively manufactured for experimental validation, and the associated testing and

evaluation is described in Sec. 5.6. The more limited experimental data set included

injectors with variations in orifice diameter and flowpath surface roughness. Injector CD’s

were experimentally determined via cold-flow testing over a range of injector pressure drops,

enabling a comparison between the down-selected AM designs and the baseline conventionally-

manufactured injection schemes. Experimental and computational results were also compared

and discussed. In sum, this coupled computational and experimental study provides important

insights and practical guidelines for manufacturing impinging-style liquid rocket injectors.

5.2 Theory

This section covers an overview of the fundamental fluid mechanical principles and general

design philosophies relevant to impinging liquid rocket injection schemes.

5.2.1 Sources of injector pressure drop

For this analysis, liquid propellant flow through an injector flowpath is approximated as

incompressible, fully-developed, steady, viscous flow through a circular pipe with gravitational

effects neglected. Characterizing hydraulic losses (∆Ploss) is of great importance to a designer

because it informs propellant feed system hardware requirements to achieve specific flow
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conditions and ultimately influences the total dry mass of the vehicle. The two main

contributors to ∆Ploss are primarily classified by either frictional or inertial viscous losses.

That is, ∆Ploss ≈ ∆Pfr+∆Pinert. Understanding the relative extent at which these two sources

affect ∆Ploss informs potential injector design modifications that can enable fine tuning of

total ∆Pinj. Each loss contributor can be predicted given a certain set of flow conditions and

an injector geometry by using fairly simple fluid mechanical analyses, and are described in

the following sections.

5.2.1.1 Frictional losses

Frictional viscous losses (also known as major losses) result from the fluid’s internal viscous

shear stresses and are influenced by the surface roughness of the pipe walls. Increased wall

surface roughness can cause relatively laminar flow to transition to turbulent flow more quickly,

accelerating the growth of the boundary layer, and inducing higher wall shear stresses [42].

Consequently, total pressure reduced (∆Ploss increased) via eddy generation and dissipative

turbulence within the relatively large boundary layer. The frictional loss component ∆Pfr is

defined as:

∆Pfr = f
l

D

ρu2

2
(5.4)

where f is the dimensionless Darcy friction factor, l/D is the flowpath length to diameter

ratio, ρ is the fluid density [kg/m3], and u is the bulk flow velocity [m/s]. The friction

factor for turbulent flow, f = f(ReD, ε/D), is a function of Reynold’s number, ReD, and

the relative roughness, ε/D. D is the flowpath diameter, and ε is the equivalent roughness –

a length scale that represents the surface roughness of an irregular surface, defined by the

height of a uniform sand-grain surface that would produce the same results as shown in Fig.

5.4. f is traditionally determined via empirical correlations from a Moody chart (Fig. 5.5)

by knowing the ReD and ε/D [89]. While different Moody charts exist for different flow

conditions and pipe geometries, the case referenced here corresponds to steady, incompressible,
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Figure 5.4: (Left) Schematic of equivalent sand grain roughness (ε) definition. (Right)
Schematic of how average surface roughness Ra is defined, relative to ε on a representative
surface profile.

fully-developed, round pipe flow. Recall that Reynolds number is defined as:

ReD =
ρuD

µ
(5.5)

where µ is the dynamic viscosity of the fluid [Pa·s].

The Haaland equation [50], defined below in Eqn. 5.6, enables friction factor to be

determined explicitly by approximating the implicit Colebrook–White equation:

1√
f
= −1.8 log

[(
ε/D

3.7

)1.11

+
6.9

ReD

]
(5.6)

It should be noted that frictional losses are still present even when walls are smooth (ε/D ≈ 0).

That is, the Darcy friction factor, f , is non-zero, and can be approximated using the Blasius

correlation equation [42]:

f = 0.3164Re−0.25
D (5.7)

For a given set of flow conditions and injector geometry, the expected range of ReD

can be determined, the relative roughness (ε/D) can be found through surface roughness

measurements, and f can be estimated via the Moody chart (Fig. 5.5), the Haaland equation

(Eqn. 5.6), or the Blasius equation for smooth pipes (Eqn. 5.7). However, careful consideration

should be taken since the best achievable accuracy for these methods is around 10% [42].

Note that the Moody chart and it’s associated correlation formulas is generally only valid
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Figure 5.5: Moody chart: Darcy friction factor as a function of Reynolds number and relative
roughness for circular pipes. From Ref. [42].

for ε/D ≲ 0.05. Due to inherent uncertainties, such as variability in relative roughness and

experimental data used to generate the Moody chart, using more than about two significant

digits in pipe flow calculations is generally unwarranted.

Nonetheless, a good preliminary estimate of the frictional loss component of injector

pressure drop can be easily calculated by the designer using Eqn. 5.4. Recall that this

∆Pfr calculation assumes a flowpath with a constant circular cross-section. The individual

flowpaths that lead up to the orifice in an impinging injector’s manifold can generally be

approximated as such. When changes in flowpath area are encountered, the designer should

separate the different sections of constant cross-section accordingly since ∆Pfr is significantly

dependent on flowpath diameter and bulk flow velocity. Then the summation of all the
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sections’ frictional pressure drops can be determined. However, it can be shown that the

majority of the frictional pressure drop for an impinging injector typically occurs where the

cross-sectional flow area is minimized (i.e., the orifice section just prior to the injection plane)

such that the influence on ∆Pfr upstream of the orifice section can usually be ignored. That is,

∆Pfr, orf ≫ ∆Pfr,upstr since uorf
2 ≫ uupstr

2. This is apparent in Eqn. 5.4 from a simple scaling

argument: ∆Pfr ∝ lu2/D. Therefore, the majority of ∆Pfr occurs in the orifice section of the

injector’s flowpath where D in minimized and bulk flow velocity u is maximized. Additionally,

we can see that ∆Pfr is directly proportional to flowpath length, l, meaning that the length

of this orifice section also has a substantial effect on the resultant ∆Pfr.

5.2.1.2 Inertial losses

Inertial viscous losses (also known as minor losses) are a result of flowpath geometry changes

that cause flow to change direction, such as bends, expansions, contractions, or at the entrance

(i.e., inlet) or exit (i.e., outlet) of fluid passageways. These momentum changes generate

turbulent effects (e.g., flow separation, eddies, and vortices), removing energy from the flow

and therefore increasing ∆Pinj. The inertial loss component of injector pressure drop, ∆Pinert,

is defined as:

∆Pinert = KL
ρu2

2
= KLPdyn (5.8)

where KL is an empirically determined constant known as the loss coefficient. For typical

fluid systems, components such as valves, tees, and elbows are experimentally characterized

and assigned a corresponding KL value. In the context of an impinging liquid rocket injector,

determining a loss coefficient can be challenging and very design-specific, requiring multi-

dimensional analysis. However, an understanding of how general internal flow features and

geometry influences KL (and in turn, ∆Pinert) is valuable.

Fig. 5.6 illustrates how various flowpath entrance geometries affect KL. Subfigure 5.6a.

illustrates how sharp corners and sudden changes in flow direction and area can cause flow
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Figure 5.6: (a.) Examples of flowpath entrance geometries and their associated loss coefficients,
and (b.) a flowpath schematic with inherent inertial losses relevant to an impinging injector
design with sharp flowpath features. Images originally from [42] with labels added.

separation. This phenomena is known as a vena contracta effect and contributes directly to

total pressure loss [42]. Subfigure 5.6b shows a flow schematic analogous to the entrance to

the orifice section of an impinging injector element with sharp flowpath features, like those

manufactured using conventional subtractive methods. Here, we can see how the velocity

at the "throat" seen at position (2) is greater than that downstream at position (3) from

a difference in local flow area. The inertial losses generated at the entrance, in addition to

the fluid having to decelerate from position (2) to (3), both contribute to a drop in total

pressure (∆Ploss) from viscous dissipation. The bottom left and bottom right schematic in

subfigure 5.6a. demonstrate how a rounded ("tapered") entrance can efficiently accelerate

the flow with significantly reduced inertial losses. Herein lies the primary hydraulic benefit

of an impinging injector design with tapered propellant flowpaths – a geometry enabled by

additive manufacturing.

5.2.2 Cavitation

Excessively high ∆Pinj and/or abrupt changes in liquid propellant flow direction (from burrs

or sharp corners) can invoke high local flow velocities, causing liquid propellants to suddenly

drop below their vapor pressure and violently expand into their gaseous state, known as
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cavitation. Cavitation is a phenomenon that is generally avoided in LRE component design

due to its high likelihood of causing hardware damage [58]. The rapid emergence of gas

bubbles within the liquid propellant flow is a highly turbulent event. The increased turbulence

in the flow negatively influences the hydraulic and mixing performance via increased viscous

dissipation and can alter the effective (wetted) area of fluid passageways. In addition to

mitigating inertial losses, injector flowpath designs that contain gradual changes in flow

direction and flow area are desirable to discourage liquid propellant cavitation, further

motivating AM-enabled tapered flowpath schemes.

5.3 Impinging injector design

5.3.1 General design considerations

While this paper is tailored to enhancing the hydraulic performance of liquid impinging rocket

injectors by leveraging an additively-manufactured design, a designer must still adhere to

some of the fundamental impinging injector design criteria. A brief overview of established

design criteria for liquid-liquid impinging rocket injectors are described here with a focus on

orifice geometry design, while more comprehensive descriptions can be found in Refs. [43]

and [57]. It should be noted that the impinging injector design criteria described in Refs. [43]

and [57] were originally developed with conventional subtractive manufacturing constraints in

mind – some of which may no longer be relevant in context of the expanded design flexibility

enabled by additive manufacturing.

Several options exist for the number of jets per impinging element (see Fig. 1.3). Whether

or not "like" or "unlike" configurations are employed, element orifice geometry selection is of

utmost importance. Here, element orifice geometry refers to key features of the entire "orifice

section" (highlighted in Fig. 5.6b and Fig. 5.7) of an injector flowpath, such as bore length

and diameter, orifice inlet geometry, orifice exit profile, and impingement angle.
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Orifice diameters significantly influence many of the critical factors involved in successful,

high-performance LRE operation. Typically, a momentum ratio of 1 between the colliding

propellant jets is targeted, which is ultimately determined by orifice diameters and impinge-

ment angle for a given propellant combination and targeted O/F ratio. Orifice diameters

and impingement angle influence atomization (droplet formation) and vaporization rates

which greatly affect mixing, combustion performance, and combustion stability. In general,

a smaller, faster liquid propellant jet is desired for rapid near-field mixing by producing

smaller droplet sizes and higher element density [43]. For a given liquid propellant and range

of flow conditions, the total injector outlet area largely determines propellant feed system

requirements. From a manufacturing standpoint, high-performing injectors require a reliable

fabrication process to properly form orifices to their desired size and impingement orientation

within predetermined tolerances. Uniform and accurate orifice diameters are essential for

ensuring that spatial uniformity in propellant O/F ratio throughout the combustion chamber

which affects overall engine performance and the stability of the combustion process.

5.3.2 Conventionally-manufactured baseline injector

A canonical, subtractively-manufactured impinging doublet injector design (denoted as the

machined injector) served as the baseline reference for this study. It contains unlike-doublet

impinging element pairs each oriented 30◦ from the normal of the injection plane. The orifice

diameters for the fuel and oxidizer flowpaths were 0.0122" and 0.0145", respectively. These

orifice sizes are at the lower end of the relevant range and thus serve as a challenge for

replication with additive manufacturing. The hydraulic performance of a conventionally-

machined injector design is limited by traditional subtractive manufacturing techniques. Such

subtractive manufacturing processes, like those used to fabricate this baseline injector plate,

include turning and facing on a lathe, 5-axis milling, and drilling. Significant inertial losses

are generated by sharp edges and abrupt changes in flow direction – a result of the shape and

accessibility of tooling hardware used to form propellant flowpaths. A primary goal of this
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Figure 5.7: CAD cross-sections shown for the conventionally machined (left) and AM tapered
(right) impinging injection schemes.

work is to improve the hydraulic performance of this impinging injector design by minimizing

∆Ploss (i.e., increasing CD) via an additively-manufactured design and manufacturing process.

5.3.3 AM tapered flowpath

A modified impinging injector flowpath geometry, enabled by additive manufacturing, was

designed with tapered walls (denoted as the AM tapered scheme) to minimize the inertial

losses inherent to conventionally-machined injectors. Fig. 5.7 shows a cross-sectional flowpath

geometry comparison near the injection plane of the conventionally-manufactured (machined)

impinging doublet scheme (left subfigure), and a representative impinging doublet scheme

that employs the finalized AM tapered flowpath design (right subfigure). The orifice geometry,

also denoted "orifice section" is highlighted here. The orifice bore is defined as the straight,

cylindrical flow area near the injection plane, and is 0.075" in length for each. The orifice

geometries are all oriented at a 30◦ angle relative to the normal of the injection plane. Since

the orifice section contains the smallest flow area, it consequently generates the fastest flow

velocities and the highest wall shear stresses. In this work, the design and manufacturing

approach largely focuses on modifying and assessing the influence on pressure drop of

this crucial portion of the injector. Computational fluid dynamics (CFD) analyses were
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conducted to reveal flowpath features that induce inertial viscous losses, which ultimately

help inform iterative design modifications. Several different versions of this AM tapered

flowpath scheme with orifice diameters ranging from 0.012" to 0.024" were generated and

analyzed via computational fluid dynamics tools with comparison to the baseline machined

injector. Select designs were eventually down-selected for printing and experimental testing.

The CFD analysis framework that informed the design and manufacturing down-selection is

outlined in the following section.

5.4 Computational analysis framework

This section outlines a computational analysis methodology as a tool to inform the design of

additively-manufactured impinging rocket injectors with enhanced hydraulic performance.

5.4.1 CFD model

CFD analyses were performed in ANSYS Fluent to evaluate hydraulic performance as

measured by predicted discharge coefficients between the injector flowpath designs of interest.

Discharge coefficient is assumed to be independent of time, so simulations were solved by

converging on a steady-state solution. 3-D, single-phase, non-reacting, pressure-based CFD

cases were conducted with liquid water selected as the working fluid. Liquid water facilitated

model validation by directly comparing CFD-predicted discharge coefficients to those later

measured from experimental cold-flow testing with DI water. The viscosity and density of

liquid water differs from actual liquid rocket propellants, but this working fluid is a commonly

used surrogate for hydraulic and cold-flow testing. The k-ω-SST turbulence model was

chosen because of its versatility and accuracy achieved by blending the advantages of the k-ω

and k-ϵ models. This hybrid approach enables the effective capture of both boundary layer

behavior and freestream effects [87]. Single-phase simulations were found to have negligible

differences in results compared to multiphase volume-of-fluid models (i.e., liquid water from
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injector discharging into air). Henceforth, single-phase models were selected, which reduced

computational costs. Despite the assumptions and corresponding simplifications applied to

the model, this CFD approach was considered suitable for sufficiently capturing the relevant

fluid mechanics to assess injector hydraulic performance.

The left subfigure in Fig. 5.8 shows a cross-sectioned CAD of a representative AM tapered

flowpath. The middle subfigure displays the full corresponding fluid domain modeled in CFD,

which is comprised of a single flowpath from manifold inlet to injector outlet (orifice) and a

wedge portion of a representative cylindrical chamber. Forward flow through the fluid domain

was established by a pressure differential between the inlet and outlet boundary conditions

(∆Pinj = Pinlet − Pout). The outlet boundary condition was assigned to be constant ambient

pressure (Pout = 0 psig) at the bottom face of the chamber wedge, resulting in ∆Pinj = Pinlet.

The inlet boundary condition was assigned a constant feed pressure of a few hundred psig,

relevant to conditions later used in cold-flow testing. The resultant ∆Pinj range modeled is

also consistent with conditions associated with many LREs [58].

Figure 5.8: (Left) Single AM tapered flowpath selected for modeling, (center) extracted AM
tapered fluid domain, and (right) corresponding unstructured tetrahedral CFD mesh using
midplane symmetry with boundary conditions shown.
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The right subfigure in Fig. 5.8 shows the corresponding CFD mesh with boundary

conditions highlighted. Unstructured, tetrahedral meshes of ∼2×106 elements were used

following a brief mesh study where additional mesh sizes were examined to investigate the

influence of mesh resolution on the results. Midplane symmetry was utilized in CFD to

further reduce computational times, and was shown to produce similar results to that of a full

fluid domain within 1% variability. 8–15 inflation layers (depending on flow conditions) and a

no-slip condition were applied to the walls of the mesh. Initially, the model assumed no surface

roughness to investigate the influence of flowpath tapering on inertial losses as reflected

by the changes in discharge coefficient between the machined and AM tapered flowpath

designs. Upon sufficient CFD solution convergence, mass flow rate through the injection

plane was extracted from the simulation results. Eqn. 5.2 was then used to determine the

CFD-predicted values for discharge coefficient. Across different injector designs, localized

mesh sizing and model settings remained unchanged such that comparative results would

depend only on changes in flowpath geometry.

5.5 Computational results and discussion

This section presents computational results to characterize hydraulic performance of various

impinging injector designs. CFD model predictions inform flowpath design modifications

that can minimize hydraulic losses.

5.5.1 Minimizing injector inertial losses

CFD analyses that employed the aforementioned model were conducted to inform iterative

design modifications to minimize the inertial losses of impinging injector fluid passageways.

Walls were assumed to be smooth (ε ≈ 0) to first investigate inertial viscous loss effects inherent

to flowpath geometry (recall: Eqn. 5.8, ∆Pinert ∝ KL). While frictional loss effects are still

present even when ε ≈ 0, the smooth wall assumption initially omits the additional frictional
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losses induced from surface roughness. Frictional effects are modeled in subsequent CFD

analysis effort using AM-relevant surface roughness values in Sec. 5.5.2. Fig. 5.9 illustrates

the varying injector orifice geometry evaluated, starting with the conventionally-manufactured

baseline impinging injector design (subfigure 5.9a.), containing a 0.012" diameter orifice with

a 30◦ impingement angle relative to the injection plane normal. A representative constant-

pressure boundary condition of 125 psig (862 kPa) was applied to the inlet of the fluid domain.

CFD-predicted values of discharge coefficient capture how well flowpath geometry changes

influence the overall hydraulic performance. Upon solution convergence, spatially-varying

flow parameters like wall shear stress and streamlines of velocity magnitude help identify

features that induce high viscous losses, and motivate design changes.

The baseline machined injector resulted in a CFD-predicted discharge coefficient of CD =

0.80. Fig. 5.10 shows contour plots of wall shear stress, with the baseline machined injector

in subfigure 5.10a., highlighting the region of maximum wall shear stress (red) caused by the

entrance to the orifice section. High localized wall shear stress is indicative of flowpath features

that generate high inertial (and frictional) losses from a rapid changes in flow direction and

Figure 5.9: CAD cross-sections shown for a single impinging injector design with increased
flowpath tapering: baseline conventionally-machined (a.), and AM-enabled with: sub-optimal
tapering (b.), and optimal tapering (c.). Shown here, r = 0.062" and d = 0.012".
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Figure 5.10: CFD-predicted wall shear stress contour plots for a ∆Pinj = 125 psig shown for
injector flowpaths. Baseline machined (a.), and AM-enabled with: sub-optimal tapering (b.),
and optimal tapering (c.).

Figure 5.11: CFD-predicted velocity magnitude contour plots for a ∆Pinj = 125 psig shown for
injector flowpaths. Baseline machined with vena contracta effect highlighted from pathlines
scaled by velocity magnitude (a.), and AM-enabled with: sub-optimal tapering (b.), and
optimal tapering (c.).

velocity. Fig. 5.11 illustrates the spatial evolution in flow velocity via contour plots of velocity

magnitude. The baseline machined injector in subfigure 5.11a. reveals flow separation from
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the entrance orifice section causing a visible vena contracta effect. The turbulent boundary

layer rapidly grows and total pressure is reduced through viscous energy dissipation. The

cross-sectional area of the boundary layer, now larger due to the turbulent trip of the sharp

orifice entrance, consumes a larger percentage of the total outlet area of the orifice. As such,

the effective flow area decreases, reducing the actual mass flow rate delivered by the injector,

and is reflected by reductions in CD. The contour plots shown in Fig. 5.10 and 5.11 omit

most of the flowpath upstream of the orifice section since the flow is relatively slow (∼100x

slower than the bulk flow through the orifice) and is virtually laminar. Considering that

the pressure drop from both inertial and frictional effects scale with flow velocity squared

(∆Ploss ∝ u2), it is reasonable to assume that most of the flowpath section upstream of the

orifice entrance has a negligible effect on ∆Ploss.

Simple adjustments were implemented to the baseline machined flowpath design with the

goal of reducing hydraulic losses by adding fillets (rounded corners) where sharp features were

located. Subfigures Fig. 5.9b. and Fig. 5.9c. depict two tapered flowpath design examples,

v.1 and v.2, respectively. Their upstream flowpath geometry, orifice diameter (d = 0.012"),

and impingement angle are all identical to the baseline machined design. Fillet features

are defined by a radius of curvature, which are normalized by the radius of the upstream

flowpath, r = 0.062". Subsequent CFD simulations were conducted (using the same boundary

conditions) for each design iteration to evaluate their associated discharge coefficients and

inform further design improvements.

Contour plots of wall shear stress (Fig. 5.10) and velocity magnitude (Fig. 5.11) illustrate

how the gradual changes in flow direction and flow area of the tapered flowpath designs

discourage flow separation and reduce wall shear stress, thereby improving CD from 0.80 to

0.87 for the conditions and geometries used herein. Fig. 5.12 illustrates the evolution of wall

shear stress versus axial position of the orifice bore for each flowpath. The machined injector’s

sharp orifice entrance induces a large peak wall shear stress, exceeding 25 kPa. In contrast, the

tapered schemes reduce and distribute the wall shear stress over a longer distance, reaching
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Figure 5.12: CFD-predicted wall shear stress versus axial position of orifice bore. Cases shown
for a ∆Pinj = 125 psig. Baseline machined, and AM-enabled with: sub-optimal tapering
(Tapered v.1), and optimal tapering (Tapered v.2).

lower peak values of 8.7 kPa and 6.8 kPa, for Tapered v.1 and v.2, respectively. Near the

exit plane, each injectors’ wall shear stress profiles level out to similar values due to sharing

identical orifice bore diameters.

Fillet 2, applied to the entrance of the orifice, had the most significant effect on hydraulic

performance due to higher local flow velocities relative to those encountered by fillet 1

upstream. Tapered v.2 was down-selected for this work (the AM Tapered design) primarily

for printability considerations. For example, larger fillet radii allowed for the overhang angle

requirement of 45◦ to be achieved. In general, a designer should select a tapering profile (i.e.,

fillet radii) that minimizes hydraulic losses for relevant flow conditions, while also adhering

to additive manufacturing constraints.

168



5.5.2 Modeling surface roughness effects

A supplementary CFD study was conducted to evaluate how the added frictional losses

from AM-relevant surface roughness offsets the hydraulic performance benefits of a tapered

flowpath design. The AM tapered flowpath scheme was modeled with two different orifice

diameters (0.017" and 0.022"), each with 4 different flowpath surface finishes, totaling to 8

unique CFD cases. Pertinent to typical L-PBF surface roughnesses (including a smooth wall

case for reference), equivalent roughness values of ε = 0, 0.0005", 0.001", and 0.002" were

applied to the walls of the fluid domain. Here, similar steady CFD cases were conducted

with nearly identical settings as those outlined in the Sec. 5.4.1, albeit with a few key

changes. First, the constant pressure inlet boundary condition was replaced with a constant

mass flow rate boundary condition of ṁ = 6 g/s. This value corresponds to a relevant

per-element mass flow rate later measured from cold-flow testing. The outlet boundary

condition remained at constant ambient pressure. The pressure drop across the flowpath

(∆Pinj) was simply calculated by the difference between the outlet pressure and the inlet

(feed) pressure, which was extraced from the simulation results upon convergence. Discharge

coefficient was calculated from Eqn. 5.2.

Table 5.1 lists key CFD results for each of the cases modeling surface roughness effects.

Resultant discharge coefficients are listed for each case. ε/D, bulk flow velocity through the

orifice (ūorifice = 41.4 m/s and 24.6 m/s for 0.017" and 0.022", respectively), and Reynolds

number (ReD = 1.78×104 and 1.37×104 for 0.017" and 0.022", respectively) were calculated

for each case, such that Darcy friction factor (f) could be estimated. f was calculated using

the Blasius correlation (Eqn. 5.7) for the two smooth wall cases, 17-0 and 22-0, whereas the

Haaland equation (Eqn. 5.6) was used for the remaining cases. It should be noted that the

Haaland equation for calculating friction factor is technically only appropriate for relative

roughness values of ε/D ≲ 0.05, but is still used here for a general estimate of friction factor.

Pressure losses due to frictional effects, ∆Pfr, were calculated using Eqn. 5.4. Here, the

169



Table 5.1: CFD-predicted surface roughness effects for the AM tapered flowpath comparing
two different orifice sizes and various wall roughness values. Each case targets a per-element
mass flow rate of 6 g/s.

D Case ε ε/D f ∆Pinj ∆Pfr ∆Pinj,+ ∆Pfr,+ CD

[0.001”] [0.001”] [psig] [psig] [psig] [psig]

17

17-0 0 0 0.027 150.3 15.7 – – 0.90
17-0.5 0.5 0.03 0.059 170.5 33.9 20.2 18.2 0.85
17-1 1 0.06 0.079 179.9 45.4 29.6 29.7 0.82
17-2 2 0.12 0.114 185.4 65.5 35.1 49.8 0.81

22

22-0 0 0 0.029 53.0 4.6 – – 0.91
22-0.5 0.5 0.02 0.051 56.4 8.0 3.4 3.4 0.88
22-1 1 0.05 0.075 59.4 11.8 6.4 7.2 0.85
22-2 2 0.09 0.098 61.9 15.4 8.9 10.8 0.84

length of the orifice section, l, was approximated as 0.080" although the AM tapered scheme

does not have a definitive flowpath entrance feature. ∆Pinj represents the CFD-predicted feed

pressure differential required to achieve the 6 g/s mass flow rate target of liquid water through

a single injector flowpath, and was determined by a surface average from ANSYS Fluent.

∆Pinj,+ represents the increase in feed pressure required due to higher viscous losses from the

corresponding surface roughness to achieve the same propellant flow rate as a geometrically

identical flowpath with smooth walls. In other words, ∆Pinj,+ = ∆Pinj,ε ̸=0 −∆Pinj,ε=0. ∆Pinj,+

is important to a designer since it influences changes to propellant feed system requirements.

Similarly, ∆Pfr,+ is the increase in frictional losses based on the simple calculation from

Eqn. 5.4 using the estimated friction factor and flow conditions. In theory, ∆Pinj,+ should

approximately equal ∆Pfr,+ since flowpath geometry and flow velocity are assumed the same,

though the former is extracted from CFD application of surface roughness and the latter is

derived from the friction factor correlations previously described. ∆Pinj,+ and ∆Pfr,+ were

calculated and compared across the variations in surface roughness evaluated herein. Table

5.1 shows that ∆Pinj,+ ≈ ∆Pfr,+ for cases where ε/D ≲ 0.05 (where the aforementioned

methods for estimating f are valid), indicating that ∆Pfr calculations using Eqn. 5.4 show

good agreement with CFD-predictions.

170



5.5.2.1 Critical orifice diameter

While higher flowpath surface roughness consequently raises the feed pressure requirement

due to increased frictional viscous losses, the resultant percentage increase (∆Pinj,+/∆Pinj)

for a larger orifice size is less than that of a smaller orifice. For example, to achieve the

targeted mass flow rate of 6 g/s, an average surface roughness of ε = 0.001" on the AM

tapered flowpath with a 0.017" diameter orifice (case 17-1) requires an additional ∼20% of

feed pressure from surface roughness effects, wheres the same surface roughness on a 0.022"

orifice (case 22-1) only requires a ∼12% increase in feed pressure. As seen in Eqn. 5.4, this is

a result of the dependence of ∆Pfr on the square of flow velocity, u2, which decreases with

increasing orifice diameter for a given per-element flow rate, and also the reduction in ε/D

and l/D with increasing diameter, D.

This trend suggests that an AM tapered injector (with reduced inertial losses) may achieve

enhanced hydraulic performance despite inherent AM surface roughness if the orifice diameter

exceeds a characteristic value. That is, a critical minimum orifice diameter, Dcr, exists for an

as-printed AM tapered flowpath that can achieve the same discharge coefficient (and therefore

equivalent ∆Ploss) to that of a conventionally-machined design with the same orifice diameter

(and same number of total elements). This depends on the as-printed surface roughness

which can be a function of the material, print angle, and printer resolution. An AM flowpath

with a diameter greater than Dcr, would (in theory) generate less total viscous losses and

achieve a higher CD. In contrast, the reduced inertial losses of an AM tapered design would

be more offset by the increased frictional losses for an orifice diameter below Dcr such that a

machined design may be a more appropriate choice in terms of hydraulic performance. It

should be noted that this trade-off may be significantly influenced by potential post-processing

of as-printed parts that could reduce surface roughness.

Dcr is largely dependent on the geometry of the orifice section of the AM flowpath (i.e.,

entrance geometry, D, ε, l), but is also influenced by the fluid properties (ρ, µ, u). The value
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of Dcr is also specific to the CD achieved by the baseline machined injector at a specific flow

condition. The actual value of Dcr would have to be estimated for a specific injector design

and associated manufacturing methods, though the methods here can be similarly employed.

For reference, a machined flowpath with smooth walls would result in a CFD-predicted CD of

0.82 for a 0.017" orifice diameter, which is equal to the CD predicted for the AM tapered

flowpath in case 17-1 (see Table 5.1). As such, the CFD-predicted Dcr value would therefore

be 0.017" for the AM tapered flowpath with an equivalent roughness of ε = 0.001" at this

specific flow condition (ṁ = 6 g/s). If a honing method is employed on the AM injector,

effectively reducing flowpath surface roughness to ε ≈ 0, the hydraulic benefits of AM-enabled

flowpath tapering may be fully realized (e.g., case 17-0 and 22-0). Knowledge of Dcr also

informs whether or not post-print honing methods may even be necessary, thus enabling

valuable time and cost savings in addition to the proposed hydraulic performance benefits

from AM-enabled features with respect to inertial losses.

5.6 Experimental testing and evaluation

To test and corroborate the findings from the CFD study, an experimental effort was

conducted to investigate the hydraulic performance of a few AM tapered flowpath designs

down-selected for printing. Experimental discharge coefficients of the manufactured designs

were quantified through cold-flow testing using liquid water, and compared to CFD-predicted

values. Additionally, qualitative insight was gained from evaluating the advantages and

shortcomings of AM impinging injector fabrication, as well as various post-print manufacturing

methods. Details on the manufacturing processes, test hardware, and testing procedures are

described below.
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5.6.1 Injector design variations for manufacturing

Five injector designs with the AM tapered flowpath were down-selected for manufacturing,

and fabricated as single, monolithic parts via a laser powder bed fusion (L-PBF) additive-

manufacturing process. The designs took into consideration the specific limitations of the

printer used, including the smallest possible wall thickness, gap size, feature size, and

maximum unsupported print angle. The same printing vendor (Proto Labs Inc.) and material

(stainless-steel 17-4 PH) was used to manufacture each of the injectors, but with one of

two different resolution options. The five AM injectors printed and tested in this study are

detailed in Table 5.2 with the machined injector included for reference. The AM tapered

flowpaths across the five injectors were effectively identical in geometry, except for differences

in cross-sectional area and diameter of the orifice section, and post-print manufacturing

processes (which dictated surface finish). These intentional discrepancies in the final injector

flowpath geometries enabled an experimental investigation that could test some of the trends

observed in the CFD results.

A shortened naming convention, denoted X.P, is assigned to the flowpath names for

brevity. Here, X is representative of the injector part name (M = machined, L1/L2 =

large-scale, S1/S2 = subscale), followed by .P which represents the post-print manufacturing

processes (AP = as-printed, D = EDM-drilling, EH = extrude honing, CH = chemical

honing). EDM-drilling was used in some cases where the AM printing process resulted in

closed or partially-closed orifices and helped ensure a round profile and size uniformity. One

of two honing methods was used on some of the injectors, which is a manufacturing technique

used to improve flowpath surface finish via controlled material removal. Extrude honing,

also known as abrasive flow machining, utilizes an abrasive slurry fluid with high viscosity

and gritty particles that are forced through a part with high pressure to erode a surface.

Chemical honing, also known as electrochemical honing, instead removes material through a

controlled electrochemical reaction between a specialized electrolyte solution and the surface
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Table 5.2: Impinging injection schemes down-selected for fabrication and experimental
evaluation. Root-mean-square average orifice diameters are listed for each design.

Flowpath DRMS PPMP
name [0.001"]

Machined (fuel) M1 12.2 N/A
Machined (ox) M2 14.6 N/A

AM Tapered

L1.D 11.6 EDM-drilling
L2.D.EH 14.5 EDM-drilling, Extrude hone
S1.AP 15.5 None
S1.CH 23.7 Chemical hone
S2.AP 22.5 None

of the metallic part, causing it to dissolve.

Injector orifice characteristics, like area and shape/profile, are targeted by the CAD design

submitted for manufacturing, but the as-printed results are ultimately dependent on the

AM printer used to fabricate them. Final orifice areas are also determined by which (if any)

post-print manufacturing processes are employed. Individual orifice diameters were measured

using 0.0005"-increment cylindrical pin gauges and assumed a circular orifice cross-section.

The orifice diameters presented in Table 5.2 reflect a root-mean-square average, DRMS across

multiple injector elements of the same design.

5.6.1.1 Additive manufacturing with extrude honing

In the first design and manufacturing iteration, the two injectors (L1 and L2) were printed

with multiple AM tapered flowpaths. The printer used to fabricate them employed a 0.0012"

layer thickness. Upon printing, injectors L1 and L2 were then followed by a standard H900

heat treatment and grit blasting. A 0.0122" orifice diameter was targeted to match the size

of the orifice of the machined reference injector. This orifice diameter fell below the hole size

limitation (∼0.020") reported by the printing vendor, which resulted in the orifices to be

unresolved (closed-up) on the face of the injector plates. EDM-drilling was chosen to form

the impinging orifice sections of the L1 and L2 injectors (becoming L1.D and L2.D). The
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precision of EDM-drilling also enabled the uniform shaping and sizing of the orifices within

tolerance, which is critical to overall injector hydraulics and mixing. Orifice characteristics for

each of the manufactured injectors are discussed in more detail in Sec. 5.6.2. Minor post-print

machining was required for sealing surfaces and a radial O-ring groove. After EDM-drilling,

L2 then underwent abrasive flow machining (via Extrude Hone LLC) to improve flowpath

surface finish (finally becoming L2.D.EH), which simultaneously expanded orifice diameters.

5.6.1.2 Additive manufacturing with chemical honing

A subsequent iteration of AM impinging injector design and manufacturing was conducted

with notable differences in methods. Here, a higher-resolution printer was utilized that

could sufficiently resolve injector orifices of slightly larger diameter, thereby eliminating the

expensive/time-consuming EDM-drilling step previously required to form them. A brief

printer characterization effort was executed prior to the second design iteration to properly

inform printer-specific manufacturing constraints, such as minimum achievable orifice size

and surface roughness measurements at various print angles. A higher-resolution printer

was selected from ProtoLabs using stainless-steel 17-4 PH, which rendered a 0.0008" layer

Figure 5.13: Left: CAD of AM "tester print" with varying pillar print angles. Right:
As-printed geometry of AM tester print using ProtoLabs high-resolution stainless-steel 17-4
PH.
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thickness (33% less than the previous layer thickness used to manufacture injectors L1 and

L2). Fig. 5.13 shows the "tester print" designed and printed for printer characterization. At

the time of this writing, a 0.0008" layer thickness is near the highest resolution capable for

current commercially-available state-of-the-art L-PBF AM processes [15,27], although even

finer resolutions are expected to be attainable as modern AM technology is still advancing.

For this specific printer, the average surface roughness on an AM surface printed 30◦ relative

to the normal of the build plate was measured to be Ra ≈ 320 µin using a profilometer.

Upon inspection, it was discovered that orifices (with a circular cross-section) as small 0.015”

in diameter could be resolved with good repeatability. However, orifice diameters were

consistently found to be slightly undersized by 0.0015” in diameter relative to the targeted

orifice diameter from the CAD file submitted, typical for AM parts due to surface irregularities

(roughness) being on a similar sizing scale as these small orifice diameters. If hole undersizing

is characterized and repeatable, it can be preemptively accounted for in the design. This also

indicated the potential to no longer require the expensive EDM-drilling step previously used

in iteration 1 to form the orifice sections that had been closed-up from printing injectors L1

and L2.

In this second design and manufacturing iteration, the higher print resolution option was

used to fabricate injectors S1 and S2, both of which also contained multiple AM tapered

flowpaths. Fig. 5.14 shows a CAD cross section (left) and an image of one of these AM

injectors (right). S1.AP targeted an as-printed orifice diameter of 0.016" (just above the

predetermined minimum repeatable orifice diameter), and S2.AP targeted an as-printed orifice

diameter of 0.023". To account for the ∼0.0015" diameter undersizing, the injector CADs

submitted for printing contained 0.017" and 0.024" diameter orifices, respectively. Minimal

post-print machining was required for sealing surfaces and a radial O-ring groove. After visual

inspection and orifice diameter measurements, discharge coefficients were experimentally

measured via cold-flow testing (discussed in further detail in Sec. 5.6.3). Injector S1 then

underwent a chemical honing process (via REM Surface Engineering LLC) to reduce flowpath
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Figure 5.14: (Left) CAD cross-section of injector S1 shown with AM tapered flowpaths.
(Right) Image of AM injector S1.

surface roughness and expand orifice diameters. S1.CH was intended to target a final, post-

honing orifice diameter of 0.023" such that hydraulic performance could be experimentally

compared to a nearly identical AM tapered flowpath with equal orifice diameter but different

flowpath surface roughness (injector S2.AP). Due to minor variance in the measured orifice

diameters, the RMS diameter of S1.CH was determined to be 0.0237". While the orifice

areas between these two injectors were not identical, they were similar enough to enable

an insightful hydraulic performance comparison from cold-flow testing results. It should be

noted that in the as-printed CAD files, 0.015" of material was added to any injector surface

that required sealing, such that it could be machined off to achieve a proper surface finish.

5.6.2 Orifice characteristics

The size, profile shape, and uniformity of manufactured liquid rocket injector orifice geometry

each have a significant impact on the injector’s hydraulic performance. The flow-controlling

aspects of injector orifice geometry also influences propellant mixing and combustion processes.

As such, it is of great importance to verify that injector orifices are properly fabricated within

required tolerances through measurement and visual inspection. For each of the 7 fabricated

injectors investigated in this study, magnified high-resolution images of their corresponding
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Figure 5.15: Magnified images of 6 orifices for each of the 7 injectors investigated in this
study. All images are displayed at the same scale relative to each other with relevant features
highlighted.

orifices were captured to inform hydraulic performance assessments. These images also

provided valuable qualitative information on orifice fabrication using different manufacturing
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processes. Fig. 5.15 displays 6 close-up orifice images per injector with key features highlighted.

Here, all orifice images are to scale relative to one another. Due to fixed tooling geometries

(e.g., drill bits), the conventionally-machined orifices of M1 and M2 exhibit exceptional orifice

uniformity (in size and shape). Surface defects were commonly present on these machined

orifices, which can have an adverse effect on liquid propellant jet shape and alignment. There

is much greater variability in the additively-manufactured orifices.

The orifices of the additively-manufactured injectors were fabricated from a variety of

manufacturing processes (e.g., as-printed, EDM-drilled, extrude/chemical honing), resulting

in distinctly different qualities. The EDM-drilled orifices of injector L1.D were consistent

in size and shape, with no manufacturing defects visible. In contrast, the extrude honing

process that followed EDM-drilling for injector L2.D.EH produced non-uniformity in both

size and shape of the orifices. The L2.D.EH orifices ranged in diameter from 0.013"–0.016".

Orifice exit profile irregularities (seen highlighted in Fig. 5.15) effectively add to the total flow

area by increasing the outlet’s wetted perimeter and distorting propellant jet characteristics.

Injectors S1.AP and S2.AP are also shown here with as-printed orifices without any post-print

manufacturing processes. S1.AP was assigned orifices with diameters near the predetermined

minimum achievable orifice size for the printer used. As such, limitations in print resolution

formed some irregularities in S1.AP’s as-printed orifice profiles – appearing as rounded burr-

like features on the orifice exit contours. However, an increase in the targeted orifice diameter

showed noticeable improvements in the uniformity and regularity of the as-printed orifices,

best demonstrated by injector S2.AP. Notably, the chemically-honed orifices of injector S1.CH

were relatively uniform in size and profile shape. While a variety of factors are involved that

influence the end result of an orifice, the chemical honing process demonstrated improved

precision and quality over the extrude honing method in terms of injector orifice fabrication.

As a caveat, it should be noted that these visual inspections only examine the exit of the

orifice and while similar features are expected internal to the orifice, a more comprehensive

investigation is required to fully evaluate the relative merits of the manufacturing methods.
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5.6.3 Cold-flow testing

Hydraulic performance was experimentally assessed by cold-flow testing various impinging

injector geometries with liquid water over a range of flow conditions, thereby enabling

experimental measurements of injector discharge coefficient. Recall Eqn. 5.2 for measuring

discharge coefficient of a particular flowpath. An experimental cold-flow housing assembly

was designed and manufactured in-house at UCLA. Pictured in Fig. 5.16, the cold-flow

housing facilitated rapid cold-flow testing for each of the injectors. While also capable for

reverse flow measurements (discussed more in depth in Ch. 6), only forward flow discharge

coefficients were examined for this study. In the forward flow configuration, the bottom cap

of the cold-flow housing was removed such that flow was not restricted downstream of the

injection plane which may bias results.

A capture-and-weigh method was applied to measure the average mass-flow-rate of water

through injector orifices (ṁ), and each injector’s total outlet area (Aout) was determined

from orifice diameters measured with 0.0005"-increment cylindrical pin gauges. ∆Pinj was

effectively equal to the feed pressure (psig) since the flow was discharged into ambient air.

Feed pressure was measured by a 0-300 psig gauge pressure transducer (Ashcroft model:

G27M0210N1300) in the injector manifold positioned at PT port 1 (see Fig. 5.16). The

pressure transducer was calibrated before each test. Pressure signals were recorded via

a National Instruments NI-9205 DAQ card and National Instruments LabVIEW software.

Roughly 15–20 flow-conditions were carried out for each injector with feed pressures that

ranged from 25 to 280 psig. Across 7 injectors and all tested cold-flow conditions, the

corresponding Reynolds number range was 0.5× 104 < Re < 3.6× 104.

In addition to enabling experimental measurements of discharge coefficients, cold-flow

testing also allows for visual inspection of impinging jet behavior for the injector designs

of interest. As seen in Fig. 5.17, the as-printed flowpaths of injector S1.AP and S2.AP,

and the chemically honed flowpaths of injector S1.CH notably demonstrated a consistent
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Figure 5.16: (Left) Isometric view of the cold-flow housing assembly used for the subscale
AM injectors. (Right) Cross-section of cold-flow housing assembly CAD with AM tapered
injector seated within housing.

Figure 5.17: Example images of DI water cold-flow tests for different injectors.

impingement angle as indicated by a common jet impingement point. The final coalesced

jets were all axial, indicative of no significant misalignment between any individual jets.

5.6.4 Injector discharge coefficients

Fig. 5.18 shows the experimentally-measured values of discharge coefficient (CD) versus

injector pressure drop (∆Pinj) for all cold-flow tests. Vertical error bars capture the experi-

mental measurement uncertainty, which was determined by a Taylor Series method of error

propagation. Sources of measurement error were generally consistent across all cold-flow
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tests, such that the trends presented here should still be valid even if the absolute numbers

are somewhat biased. It is noted that CD values beyond 1 are non-physical, which include

any positive error bar bounds that extend past CD = 1. Although this testing effort was

somewhat limited in the combinations of orifice diameter and manufacturing methods, there

are a number of notable observations. CD results show a minor downward trend with increas-

ing injector pressure drop (thus increasing flow velocity) presumed associated with slightly

higher levels of turbulence and associated dissipative losses, but the CD values are generally

similar enough throughout the examined pressure range to be assumed constant. As such,

the following CD values reported and discussed in the text are averages (unless otherwise

specified). The smaller of the two machined flowpaths, M1, had lowest discharge coefficient

of CD,M1 = 0.75. With a nearly identical flowpath geometry, but a larger orifice, machined

flowpath M2 resulted in a CD,M2 = 0.82. This is consistent with the orifice size dependence of

CD observed in the smooth wall CFD cases. These two machined injector flowpaths provide

reference hydraulic performance values for the AM tapered schemes (L1.D, L2.D.EH, S1.AP,

S1.CH, and S2.AP) to be compared.

Injectors M2, L1.D, and S1.AP resulted in very similar CD distributions across the exam-

ined range of injector pressure drop. S1.AP and M2 are similar in orifice size, thus enabling

a reasonable comparison between an as-printed AM tapered flowpath, and a conventionally-

machined one. S1.AP and M2 yielded very similar CD values of 0.81 and 0.82, respectively. In

other words, S1.AP (AM tapered, as-printed) and M2 (machined) produced roughly the same

amount of total viscous losses (∆Ploss,S1.AP ≈ ∆Ploss,M2). Recall the definition of critical orifice

diameter, Dcr, presented earlier in Sec. 5.5.2.1. Here, the friction-dominated total viscous

losses of the AM tapered flowpath are roughly equivalent to the inertial-dominated total

viscous losses of the machined flowpath with an orifice diameter of Dcr. While Dcr technically

requires an AM flowpath and machined flowpath to have identical orifice diameters and

discharge coefficients, this comparison between S1.AP and M2 serves as a general estimate.

Hence, cold-flow testing suggests Dcr ≈ 0.015" for this particular injector orifice design. For
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Figure 5.18: Compiled cold-flow results showing discharge coefficient versus injector pressure
drop.

reference, the CFD-predicted value of Dcr was determined to be ≈ 0.017" for the AM tapered

with an equivalent roughness of ε = 0.001". More experimental data would be required to

more accurately determine Dcr, but the implication is that additively-manufacturing orifices

of larger than D ≈ 0.02" has the potential to yield hydraulic benefits even without additional

honing processes.

L1.D’s orifices were formed from EDM-drilling and resulted in an average diameter (DRMS

= 0.0116") close to M1’s orifices (DRMS = 0.0122"). Despite being un-honed, L1.D’s flowpath

tapering achieved a CD,L1.D = 0.80, demonstrating a moderate boost in hydraulic performance

of +7% compared to a machined flowpath with a nearly identical orifice size CD,M1 = 0.75.

Injector S1.AP performed similarly to L1.D, achieving a CD,S1.AP = 0.81. However, the two
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AM tapered injectors differ in orifice area and how their orifices were manufactured; S1.AP’s

as-printed orifices were 1.8x larger in area than L1.D’s EDM-drilled orifices. In general,

a greater CD improvement would be expected with this large of an area increase. This

discrepancy may be attributed to differences in the two injectors’ orifice profiles (previously

discussed in Sec. 5.6.2), as well as dissimilar surface finishes on their orifice section walls

(i.e., EDM-drilled vs. as-printed). Notably, the second as-printed injector, S2.AP, achieved a

CD,S2.AP = 0.90 – a 10% increase in CD from S1.AP simply by expanding the orifice diameter

by 0.007" (thereby increasing orifice area by 2.1x).

The two AM tapered injectors that underwent honing processes, L2.D.EH and S1.CH,

recorded the highest average discharge coefficients of CD = 0.99. Despite undergoing different

methods of honing (L2.D.EH extrude honed, S1.CH chemically honed), and significant

differences in orifice area (S1.CH 2.7x larger than L2.D.EH), these two flowpath geometries

achieved nearly ideal hydraulic performance. Discharge coefficients approaching 1 is indicative

of minimal viscous loss generation from both inertial and frictional sources. However, the

non-circularity of the honed orifices (seen pictured in Fig. 5.15) is likely resulting in the

orifice areas to be under-approximated and thereby slightly inflating the experimental CD’s.

This is particularly true for the extrude honed orifices of L2.D.EH, where orifice exit profile

irregularities were typically more severe.

While quantifying post-honed flowpath surface roughness was outside the scope of this

work, knowledge of the pre-honed surface roughness can inform an estimation of the post-honed

values. The honing processes expanded orifice diameters by 0.0025" and 0.008" (∼0.001"

and 0.004" radially) for injectors L2.D.EH and S1.CH, respectively. That is, ∼0.001" and

0.004" of material was removed from the walls of the orifice sections. The pre-honed averaged

surface roughness values were measured to be Ra ≈ 320 µin, implying that height of material

removed from the orifice section walls exceeded ∼4x Ra for L2.D.EH and ∼12x Ra for S1.CH.

A more in-depth investigation should be conducted that characterizes the surface finish

of honed AM flowpaths to better understand how these flow polishing techniques impact
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frictional hydraulic losses.

Chemically-honed AM tapered injector S1.CH and as-printed AM tapered injector S2.AP

were designed such that they would result in identical orifice diameters of 0.023". The

intention was to enable a direct hydraulic performance comparison of two nearly identical

AM tapered flowpaths with the same orifice areas, but with different surface finishes of

their flowpath walls. Both injectors achieved the targeted orifice diameters within a 0.001"

tolerance, but their final RMS orifice diameters were measured to be DRMS,S1.CH = 0.0237"

and DRMS,S2.AP = 0.0225". This resulted in a difference in orifice area by roughly 10%, but

still makes for a reasonable comparison nonetheless. Notably, the as-printed S2.AP injector

achieved a CD,S2.AP = 0.90 without any post-print manufacturing processes required. However,

the chemically-honed injector S1.CH with a similar orifice size earned a CD,S1.CH = 0.99. This

indicates that: 1) the AM tapered flowpath design effectively mitigates inertial losses as

intended, and that the majority of its viscous losses are generated from frictional effects, and

2) honing can fully realize the hydraulic performance benefits of the AM tapered scheme via

the mitigation of said frictional losses.

5.6.5 Comparison with computational fluid dynamics predictions

Fig. 5.19 presents a direct comparison between experimental and CFD-predicted values of

injector discharge coefficient. Experimental CD,Cold-flow values (shown here in blue) reflect a

∆Pinj ≈ 125 psig, with their corresponding measurement uncertainty range. Each flowpath

geometry was simulated using the CFD methodology described in Sec. 5.4.1 with a ∆Pinj of

125 psig, first assuming smooth walls (ε ≈ 0). Using the same ∆Pinj boundary condition, a

representative surface roughness of ε = 0.001" was applied to the walls of L1.D, S1.AP, and

S2.AP to account for the inherent AM surface roughness associated with the unhoned AM

flowpaths. It should be noted that for modeling and analysis purposes, ε was approximated as

0.001", which is ∼3x the measured surface roughness average value (Ra ≈ 320 µin), although
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Figure 5.19: Discharge coefficient comparison (∆Pinj ≈ 125 psig.) between cold-flow and
CFD-predicted values. Measurement uncertainty shown for cold-flow results.

this factor can be larger [2]. CD,CFD values are presented for both the smooth and rough wall

CFD cases.

In general, there was good agreement between the experimental injector discharge coeffi-

cients and computational predictions. The smooth-wall CFD cases only accurately predicted

the experimental CD for the machined flowpath M2. The machined flowpath with a smaller ori-

fice, M1, exhibited an experimental CD 8% lower than CFD results. This could be attributed

to the presence of fabrication defects (i.e., burrs) within the M1 flowpaths that were visibly

inaccessible. For the AM tapered flowpath cases, smooth-wall CFD cases over-predicted CD

for the un-honed injectors: L1.D by +7%, S1.AP by +11%, and S2.AP by +2%. This is likely

due to the increased frictional losses of AM surface roughness not being accounted for. CFD

simulations modestly under-predicted CD for the two honed injectors by −10% for L2.D.EH

and −8% for S1.CH. Notably, when an AM-relevant surface roughness of ε = 0.001" was

applied to the walls of the model, CFD predictions closely matched with cold-flow results.
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Here, computational results (with surface roughness) deviated from measured cold-flow values

by 0%, +1%, and −4% for L1.D, S1.AP, and S2.AP, respectively.

While the CFD-predicted CD values presented in this work were not consistently accurate

to experimental measurements, the relative trends show reasonable agreement. It should be

noted that CFD software tools rely on the use of wall functions and/or turbulence models

that are often anchored by empirical correlations. CFD results can therefore vary significantly

between which turbulence models are employed, especially when simulating turbulent flow

over rough surfaces [102]. The stochastic nature of AM surface topology further convolutes

the accuracy of such models. Over recent years, new CFD strategies and turbulence models

have been introduced that better capture flow properties over additively-manufactured rough

surfaces [41, 86]. All considered, the sensitivity of injector CD on flowpath design and

surface characteristics makes experimental characterization important to ensure proper flow

conditions are achieved within a propulsion system and as a means of validating computational

predictions.

5.7 Chapter summary

Hydraulic losses across a liquid rocket injector are undesirable, and are largely dependent

on injector flowpath design and surface characteristics. The expanded design freedom of

additive manufacturing enables flowpath tapering which mitigates the inertial losses generally

associated with sharp features within conventionally-manufactured injector geometries. How-

ever, the increased surface roughness inherent to AM parts can introduce additional frictional

viscous losses, potentially offsetting the hydraulic benefits of the AM tapered scheme. In this

chapter, a computational fluid dynamics analysis was presented that informed injector design

modifications, which started with a canonical conventionally-manufactured impinging injector

plate. Initial smooth-wall steady CFD models exhibited how AM-enabled flowpath tapering,

particularly applied to the orifice inlet, can significantly improve injector CD (roughly +10%
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for the injectors modeled herein) by mitigating inertial viscous losses. Further computational

analyses were conducted that captured surface roughness effects using AM-relevant as-printed

surface finishes. It was shown that the increase in frictional viscous losses from AM surface

roughness can, in some cases, offset the hydraulic benefits of a tapered flowpath design.

However, for a given ∆Pinj, reductions in flowpath surface roughness and marginally larger

orifice diameter exhibited notable improvements in CD, as predicted by the CFD model.

Several promising AM tapered injector designs were down-selected for printing that ranged

in orifice diameter and flowpath surface roughness. While some injectors were tested in their

as-printed state, others underwent post-print manufacturing processes, such as EDM-drilling

of orifices, and/or one of two honing (flow machining) methods. Final orifice diameter and

flowpath surface finish were determined by which of these processes were employed. Orifice

characteristics were evaluated visually through magnified images, which provided valuable

qualitative insight into orifice geometry features that may influence flow behavior. Each AM

injector, as well as the baseline conventionally-manufactured injector, was cold-flow tested

over a range of injector pressure drop to experimentally characterize discharge coefficients.

Liquid water served as a liquid propellant surrogate.

This experimental investigation revealed trends that corroborated the CFD results despite

its limited scope. Firstly, CFD simulations using a relatively simple steady, single-phase

model were generally a good predictor of injector CD. Similar CD values were measured

between the machined and un-honed AM tapered injectors for orifice diameters between

∼0.012" and ∼0.016". This suggests that the reduced inertial losses enabled by the tapered

flowpath were in fact offset by increased frictional losses of a similar magnitude from the

rough AM walls. Notably, the two AM tapered injectors that underwent a post-print honing

process achieved experimental CD’s of ≈ 1, suggesting a significant benefit. The need for

post-print polishing techniques may be alleviated as AM technology continues to progress and

as-printed surface finishes improve. Based on current metal printing technology and associated

resolution, additively-manufactured liquid injector orifices of larger than D ≈ 0.020" have the
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potential to yield hydraulic benefits even without additional honing processes. In sum, this

work has demonstrated that additive manufacturing can be leveraged to minimize impinging

liquid rocket injector hydraulic losses through a combination of optimized flowpath tapering

to mitigate inertial losses and post-print honing to mitigate friction losses. The broader

implication of this work is that LRE propulsion systems with higher system efficiency may

be achieved by incorporating the aforementioned design approach outlined in this chapter,

thereby facilitating enhanced mission capabilities or payload capacity for spacecraft and

launch vehicles. These design strategies have significant potential for application in other

combustion devices, such as additively-manufactured (AM) combustion chambers featuring

regenerative cooling channels. In such systems, arrays of relatively long fluid channels reside

within the combustion chamber walls, circulating liquid propellant to manage thermal loads.

This AM-enabled design and manufacturing methodology supports efficient heat transfer

optimization while minimizing pressure loss, offering a cost-effective approach to enhancing

thermal management, an area of potential future work.
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CHAPTER 6

High-diodicity impinging injector design for rocket

propulsion enabled by additive manufacturing

The contents of this chapter have been presented / included in the conference proceedings

for the AIAA SciTech Forum, 2022 under the title of "High-diodicity impinging injector

design for rocket propulsion enabled by additive manufacturing" [63].

6.1 Introduction

Combustion instabilities (CIs) are common in liquid rocket engines and present concerns for

system performance and hardware survivability. Such instabilities often present as periodic,

high-pressure impulses within a combustor that can negatively influence the fluid dynamics

of the propellant injection process - in some cases leading to backflow of combustion products

into the propellant manifolds. In more extreme cases, CIs can increase local heat transfer rates

and induce excessive pressure-based vibrations, both of which may destroy engine hardware.

Backflow caused by combustion instabilities or from detonations within a combustor induces

a decline in combustion efficiency due to poor mixing from differences in propellant densities,

flow-rates, and orifice geometry, thus causing the corresponding propellant refresh times to

often mismatch. This leads to a transient and spatially varying equivalence ratio throughout

the combustion chamber, which can negatively impact performance. Specific injector designs

have a characteristic resistance to feed system coupling and recovery time (related to backflow)

that depends on injector geometry and stiffness (the ratio of the pressure drop across the
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injector to the pressure in the combustion chamber) [43]. For traditional combustion-based

rocket engines, the injector stiffness is typically ∼15-20% in order to mitigate the performance-

reducing effects of combustion instabilities [43]. CIs are traditionally dealt with through the

use of stabilization methods such as acoustic baffles or increasing injector stiffness (higher

injector ∆P ). Increased injector stiffness requires larger (heavier) feed pressurization systems,

and the implementation of acoustic baffles both increase the overall dry mass of the vehicle,

resulting in a decreased payload or mission duration capability for spacecraft and launch

vehicles.

An ongoing goal in improving rocket engine performance is the development of low

pressure-loss injectors which are also robust against combustion instabilities and the associated

feed-system coupling. An approach which allows for the simultaneous fulfillment of these

requirements is the implementation of an injector geometry to resist reverse flow without

hindering forward flow. Some recent efforts have explored geometric modifications to impinging

injector schemes to enhance backflow resistance and recovery characteristics by angling injector

elements relative to the direction of a transverse pressure/shock wave [21]. This angling

resulted in only minimal performance improvements due to difficulty in predicting the direction

of the wave propagation and a rise in potentially harmful cavitation near the injection plane.

The tapering of injector orifices led to noticeably faster propellant recovery times, which is

speculated to be the result of the product gases having a larger volume to fill and expand, thus

decreasing its pressure [21]. In this work, we examine the potential of additive manufacturing

to enable impinging injection designs that provide enhanced backflow resistance or diodicity.

Aside from the production-rate and possible economic benefits, additive manufacturing

(AM) provides opportunity to re-imagine combustion device design in the absence of con-

ventional manufacturing constraints, and to more closely couple design with physics-based

analysis. AM enables complex three-dimensional geometries and provides a new means for

tailoring the fluid dynamics of combustion systems, particularly injection. For example, AM

permits the fabrication of sophisticated propellant passageways within an injector’s manifold,
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which encourage gradual changes in both flow area and direction. These geometric alterations

in the flow paths mitigate flow separation and minimize viscous losses, ultimately decreasing

the forward pressure drop across the injector [92]. In this work, the design space permitted

by additive manufacturing is explored to create low forward pressure-loss impinging injection

schemes that hinder propellant backflow. We investigate the implementation of a "fluidic

diode" feature as a means of backflow prevention for a representative liquid bi-propellant

impinging doublet. Steady single-phase and transient multi-phase CFD models are utilized to

quantify backflow resistance and assess forward-flow recovery, respectively. Initial cold-flow

results for select printed injectors are also presented, with a discussion of relative performance

and future work.

6.2 Methods

6.2.1 Diodicity

Design efforts are driven by computational fluid dynamics analysis, and quantitatively

characterized through calculating injector discharge coefficient, CD, a key metric used to

assess hydraulic performance, defined as:

CD =
ṁ

A
√
2ρ∆p

(6.1)

Here, ṁ represents the mass flow rate of propellant with density ρ through an orifice with a

cross-sectional flow area A, and a pressure drop ∆p across the orifice.

Additionally, we calculate the diodicity of each injector as a means of characterizing its

relative backflow resistance. Diodicity, Di, is defined in Eq. 6.2 as the ratio of pressure

drop for reverse flow to the required pressure drop in forward flow for the same mass flow

rate. This can be modeled by flipping the inlet and outlet boundary conditions in the CFD

model, and calculating the discharge coefficient in the reverse direction. Diodicity can also
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be described in terms of forward and reverse discharge coefficients, as also seen in Eq. 6.2:

Di =
(
∆prev

∆pfwd

)
ṁ

=

(
CD,fwd

CD,rev

)2

(6.2)

6.2.2 Design of a fluidic diode

Here we introduce an AM-enabled, backflow-resistant flow-path geometry termed a “fluidic

diode” [132]. Analogous to an electrical diode, which allows electric current to flow in a

single forward direction while impeding flow in the opposite direction, this fluidic diode

feature serves as a means of resisting the backflow of combustion gases up into the propellant

manifold. Implemented slightly upstream of the propellant injector face, this feature is

intended to perform similar to a Tesla valve [100] in which the geometry of the flow path

provides for low resistance in the forward direction but induces high resistance in the reverse

direction (see Fig. 6.1).

Figure 6.1: Tesla valve flow behavior with low-resistance in forward direction (top) and
high-resistance in reverse direction (bottom).

The flow path geometry of a Tesla valve promotes flow losses in the reverse direction from

abrupt momentum changes, vorticity generation, and an adverse pressure gradient [135]. The

fluidic diode developed in this work will combine the hydraulic benefits of “tapering” the

injector element, demonstrated to be efficient in Ref. [22,97], and the redirection of flow in

the reverse direction similar to a Tesla valve.

Implementing these proposed diode features in a real rocket injector using conventional

193



subtractive manufacturing techniques is impractical and thus leverages the unique capability

of AM. However, the fluidic diode design is still constrained by two primary factors: 1) metal

AM printability considerations such as sub-mm feature resolution and overhang angles [48]

and 2) structural integrity of the injector. For example, the implementation of a fluidic

diode cavity near the injection face can cause reductions in minimum wall-thickness between

the unlike-doublet flow paths, and between adjacent doublet pairs. Furthermore, printed

materials show a reduction in strength when sample thickness is below some characteristic

value (dependent on material and AM fabrication process) due to increased porosity [36].

Therefore, the size, shape, and position of the fluidic diode must be taken into consideration

throughout the design process.

A coupled CFD-design trade study was performed to examine how various fluidic diode

geometries influence net diodicity. Parameters such as diode size, revolution angle, and number

of diodes in series were examined (see Fig. 6.2). Orifice outlet diameter was held constant. A

secondary design step involved integration of the various designs in the impinging doublet

configuration with a 60◦ impingement angle, see Fig. 6.3. Based on relative diodicity results

from steady-state simulations and feasibility assessment for manufacturing and structural

integrity, a down-selected fluidic diode design was further analyzed with regards to transient

response and compared to tapered impingement design without the diode feature. The

analysis framework is discussed in the following subsections.

6.2.3 Steady-state CFD model

Discharge coefficients and diodicities are determined using steady, single-phase, three-

dimensional computational fluid dynamics (CFD) analysis performed on the fluid domain of

a single injection element for various impinging-doublet designs. Due to the injector’s radial

symmetry, a wedge-shaped slice of the injector’s fluid domain was utilized. Unstructured,

tetrahedral meshes of ∼5×105 elements were used (see Fig. 6.4) following a brief mesh study
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Figure 6.2: a.) 2D sketch profile used to create a diode feature then revolved around at some
desired angle. Top and isometric views of diode revolution angles of b.) 90◦, c.) 180◦, d.)
360◦. The variation in the number of diodes in series is shown for e.) one, f.) two, and g.)
three diodes.

Figure 6.3: Cross-sections of a.) conventional impinging injection scheme using subtractive
manufacturing, b.) AM-enabled tapered impinging injection scheme, c.) the same tapered
injection scheme as b. but with an example of implemented 90◦ fluidic diode of radius R =
0.050 in.

where additional mesh sizes were examined to investigate the dependence of the results on

mesh resolution. A no-slip boundary condition was applied to the injector walls, which also

assume no surface roughness. An SST-k-ω turbulence model was applied and liquid water

was used as the working fluid. The feed pressure was set to 300 psig at the inlet, and 0 psig

at the outlet for forward flow. The pressure boundary conditions were then flipped to assess

reverse-flow behavior. Cross-sectional flow area, fluid density, and pressure drop are all held
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Figure 6.4: Unstructured, tetrahedral mesh of a wedge-shaped symmetric slice of the chamber
and the injector’s fluid domain with an implemented 90◦ fluidic diode feature of radius R =
0.050 in. Boundary conditions shown are for the single-phase steady CFD cases.

constant for each case and CFD results provide the propellant mass flow rate that passes

through the injection plane. Equations 5.2 and 6.2 are then applied to quantify relative

hydraulic performance.

6.2.4 Transient back-flow recovery model

A more complex CFD model was used to examine transient fluid behavior associated with a

chamber pressure impulse for a smaller subset of injector designs. This model assessed the

transient backflow (or flow-rate change) and interaction of liquid propellant and high pressure

combustion gas within an injector element when subject to a prescribed sharp increase and

decay of pressure at the injector face. Simulations were run for three different injector stiffness

values: 20%, 50%, and 150%. Injector stiffness (IS) is defined as:

IS ≡ ∆p

pc
=

pin − pc

pc
(6.3)
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Figure 6.5: Relative pressure versus time plots for transient boundary conditions applied to
the outlet and inlet.

The steady-state pressure drop across the injector is denoted by ∆p, whereas pc represents

the steady-state chamber pressure and pin is the inlet pressure.

Here, we use a pressure-based solver in ANSYS Fluent and employ an unsteady multiphase

VOF (volume of fluid) model using liquid water and air as the propellant and combustion

gas, respectively. Stiffness values are varied by altering the inlet pressure while the nominal

chamber pressure and the peak pressure of the impulse are held constant. The transient

simulation is initialized by first executing a steady case (similar to that of the steady state

diodicity cases) with the initial boundary conditions used to establish nominal forward flow

rates, which is what would be seen prior to applying the high-pressure impulse. Additionally,

a rudimentary step-function is applied to the inlet pressure to mimic the responsive increase

in manifold pressure (simulated to be an increase of ∼30% relative to the initial inlet pressure)

caused by gases displacing incompressible liquid propellant within the manifold. A similar

manifold pressure variation is measured by researchers at Purdue in Ref. [21]. As seen in

Fig. 6.5, a time-varying outlet boundary condition is set at t = 10 µs to mimic the pressure
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profile of an impulsive, high-pressure wave traversing an injector orifice and assumes the

shape of an exponential decay function [21, 79, 103]. A time-step size of 1×10−7 seconds was

found to be sufficient for a converged solution with 20 iterations per time-step. Time-step

sizes smaller than this showed minimal changes in the results for the flow conditions and

geometry used in this study.

6.3 Results

6.3.1 Steady diodicity results

Discharge coefficients and diodicities given by the CFD simulations for the various injector

designs are shown in Table 6.1. The diodicity of the baseline conventionally machined injector

is 1.17, which was shown to increase to 1.68 (+44%) for a tapered injector enabled by AM.

With the introduction of various fluidic diode designs, the diodicity increases substantially to a

range of 2.72 to 3.01 (upwards of +157% with respect to the baseline injector). Increasing the

revolution angle of the diode resulted in increased forward and reverse discharge coefficients,

but ultimately decreased the diodicity of the injector element slightly. Increasing the number

of sequential diodes indicated a decrease in both forward and reverse discharge coefficients,

Injector Element Scheme CD,fwd CD,rev Di Change in Di
relative to Baseline

Baseline 0.77 0.72 1.17 N/A
AM Tapered 0.92 0.71 1.68 +44%

90◦ Diode (R = 0.050") 0.92 0.54 2.90 +148%
180◦ Diode (R = 0.050") 0.94 0.57 2.72 +132%
360◦ Diode (R = 0.050") 0.94 0.56 2.82 +141%
90◦ Diode (R = 0.060") 0.92 0.53 3.01 +157%

Two 360◦ Diodes (R = 0.050") 0.90 0.52 3.00 +156%
Three 360◦ Diodes (R = 0.050") 0.88 0.51 2.98 +155%

Table 6.1: Forward and reverse discharge coefficients for the various injector element schemes
as well as their corresponding diodicity values. Down-selected fluidic diode highlighted in
bold.
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Figure 6.6: Velocity contour plots of the oxidizer injector manifold with the 90◦ fluidic diode
feature for forward flow (left) and reverse flow (middle), and particle pathlines colored by
velocity magnitude for reverse flow (right).

but without a significant enhancement to diodicity. Increasing the radius of the diode 20%

from 0.050" to 0.060" showed a minimal improvement to diodicity. Therefore, the 90◦ version

of the single diode feature is chosen to be used for the transient backflow recovery simulation

due to its high diodicity and its feasibility in being fabricated with AM, fulfilling wall-thickness

and overhang angle requirements.

Fig. 6.6 shows a velocity contour plot of the fluid behavior of forward and reverse flow,

and particle pathlines colored by velocity magnitude for the reverse flow case for the 90◦

diode feature. The fluidic diode appears to create negligible impediment to the flow in the

forward direction, which yields no change in the forward discharge coefficient. On the other

hand, in the reverse flow direction, fluid tends to preferentially fill the fluidic diode’s reservoir

and become redirected before undergoing a very sharp turn to enter the manifold inlet. This

reverse flow redirection is likely responsible for the significant decline in the reverse discharge

coefficient and thus an auspicious improvement in backflow resistance.
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6.3.2 Experimental validation

To date, our research group has printed and cold-flow tested some of the unlike impinging-

doublet liquid bi-propellant injector designs. This includes both the baseline conventionally

manufactured injector and the tapered AM injector, which was additively-manufactured using

a laser powder bed fusion (L-PBF) process out of stainless steel. The tapered AM injector

was cold-flow tested before and after an abrasive extrude honing process, intended to reduce

surface roughness. Experimental cold-flow results are shown in Table 6.2 and compared

to CFD results. The tapering of the internal flowpaths (even before honing) improves the

forward CD (as predicted by CFD) for both the fuel and oxidizer flow-paths relative to the

baseline conventionally-manufactured injector. Moreover, significant improvement in the

forward CD is displayed after the AM injector undergoes the abrasive flow machining (honing)

process. CFD results closely align with cold-flow testing for the fuel lines of both injectors,

however CFD analysis seems to over-predict the forward CD for both injectors’ oxidizer lines.

Despite the disagreement in absolute values, CFD was still able to accurately model the

relative changes in flow behavior and thus served as a useful tool to assess relative hydraulic

performance. Cold-flow results validate the hydraulic performance benefits of AM-enabled

tapered flow-paths, and in conjunction with the post-printing honing process, the AM tapered

injector exhibits a 21.5% and 23.4% increase in forward CD for the fuel and oxidizer lines,

respectively.

Metric Baseline Injector AM Tapered Injector
CFD Cold Flow CFD Cold Flow Cold Flow % Difference after honing

(un-honed) (honed) relative to Baseline
CD,fwd,fu 0.80 0.79 0.91 0.87 0.96 +21.5%
CD,fwd,ox 0.77 0.64 0.92 0.69 0.79 +23.4%

Table 6.2: CFD and cold-flow results showing the forward discharge coefficients of the oxidizer
and fuel lines of the conventionally-machined baseline injector and the additively-manufactured
tapered injector.
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6.3.3 Transient backflow recovery results

Transient analysis was focused on mass flow rate changes (recovery) associated with a

prescribed pressure pulse reflective of a chamber instability. Here, flow-rate recovery timescales

represent figures of merit relevant to mitigating the negative effects of injector backflow on

engine performance. From time-resolved mass flow rate through the injection plane, we can

determine the refill time - the amount of time it takes from the instant of back flow occurring

(when forward mass flow rate through injector face approaches zero, denoted by t0), until the

forward flow of propellant is reestablished into the combustion chamber (when forward mass

flow rate becomes positive again, denoted by tfwd), as seen in Equation 6.4.

trefill = tfwd − t0 (6.4)

Additionally, we calculate the total amount of propellant mass vs. time by integrating the

liquid mass flow rate through the injection orifice with respect to time, starting at the instant

Figure 6.7: (Left) Propellant mass flow rate vs. time (left), and total propellant mass vs.
time (right) are plotted for three different injector stiffness values (150%, 50%, and 20%)
with the AM Tapered injector geometry (dotted curves) and the AM Fluidic Diode geometry
(solid curves).
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Injector Stiffness AM Tapered AM Fluidic Diode Difference with
Fluidic Diode

150% 141 µs 169 µs 19.8% slower
50% 315 µs 199 µs 36.8% faster
20% 681 µs 415 µs 39.1% faster

Table 6.3: Refill times for the AM Tapered and AM Fluidic Diode injectors at three different
injector stiffness values (150%, 50%, and 20%).

of backflow. We show the transient mass flow rate response of two injector geometries for

three conditions of stiffness (reflecting a range of feed pressures) in Fig. 6.7a and Fig. 6.7b.

At a high injector stiffness (i.e., 150%), the baseline and fluidic diode injector elements show

a similar recovery response. However, as injector stiffness begins to decrease, the fluidic diode

demonstrates a clear performance advantage as forward propellant flow rates are reestablished

appreciably sooner. For injector stiffnesses of 50% and 20%, the fluidic diode permits refill

times 36.8% and 39.1% sooner than the AM tapered injector, respectively.

6.4 Discussion

The aforementioned combination of CFD simulations and experimental cold-flow testing

reveal some key takeaways regarding potential benefits of AM-enabled non-traditional injector

geometries for enhanced hydraulics and diodicity with impingement injection. Gradual

tapering of traditional fluid paths is shown to offer a meaningful increase in forward discharge

coefficient (∼20%), implying lower pressure losses, which were shown to be realizable after

printing and cold-flow testing. The addition a fluidic diode feature on the tapered propellant

passageways was further shown to significantly increase diodicity by as much as ∼150%

compared to a conventionally-machined baseline injector case. However, the addition of

multiple fluidic diodes in series exhibited marginal benefit over a single diode feature. Moreover,

a fluidic diode feature that was revolved 360◦ around the circumference of the injector element

offered no apparent benefit compared to a well-positioned 90◦ diode feature. This is likely

associated with the impingement angle of the injector element and associated bias in inlet
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flow direction (entering the diode) for reverse flow. Diode feature revolution beyond 90◦ also

presents more difficulty in reconciling feasible printing angles. Lastly, we note that based

on a subset of transient cases, the diodicity determined from steady-state analysis appears

to correlate with shortened flow-rate recovery times, but this is only pronounced at lower

injector stiffness.

The observations mentioned above provide design insight for impingement injection with

AM, but some shortcomings in the current CFD models should be noted. The models

currently do not account for thermodynamics or chemical kinetics as would be associated

with combustion, nor a realistic response in the manifold pressure as product gases fill the

injector element. The models also do not account for surface roughness. These aspects of the

model were omitted due to uncertainties, limitations in accessible computational resources

and/or diminishing return on complexity. While the models lacked some sophistication, we

do not expect such added elements to meaningfully alter the observed trends. It can be noted

that the transient multiphase CFD model used to assess backflow recovery behavior was

qualitatively validated by simulating experiments recently performed at Purdue University

by Celebi et al. [21], exhibiting good agreement.

Although the constraints of additive manufacturing are fewer in comparison to conventional

subtractive manufacturing techniques, they must be accounted for throughout the design

process. One of the most difficult design restrictions to overcome when designing any

additively-manufacturable component is staying within the overhang angle limit. This critical

angle varies for different printing methods and materials, but often range between 30◦ to

45◦ with respect to the normal of the printing surface. As the injector’s internal flow-path

complexity increases in order to achieve desired hydraulic performance outcomes, creating a

design that is printable and structurally robust becomes a more arduous task. For example,

an increase in the overall size of the diode may have an increased benefit in both diodicity and

recovery behavior and will be explored further in future work. However, the designer must

then account for the reduction in wall-thicknesses and spacing between doublets and their
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adjacent element pairs by positioning the diode cavity accordingly. As such, minimal AM

wall thicknesses may limit design features like element density and diode size. Some other

challenges of additive manufacturing (i.e., surface roughness and sub-mm feature resolution)

can be overcome by supplementing AM with post-printing processes such electrical discharge

machining (EDM) and abrasive flow machining (honing), as demonstrated in [97].

6.5 Chapter summary

This work explored the design space offered by additive manufacturing to implement geometric

fluidic diode and tapering features near the injection plane for an impinging unlike doublet

as a simple means of increasing diodicity. Steady single phase and transient multiphase CFD

analyses demonstrate promising results: a fluidic diode feature added to a realistic injector

geometry yields a favorable increase in diodicity and a quicker response time to re-establish

forward propellant flow. Tapering also exhibits a decrease in forward pressure loss without

meaningfully reducing backflow resistance.
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CHAPTER 7

Conclusions and future work

In this thesis, advanced injection schemes enabled by additive manufacturing were examined

to enhance the performance of liquid rocket engines. Three primary topics of injection-related

liquid rocket engine performance were investigated: (1) propellant mixing, (2) combustion

instabilities, and (3) injector hydraulics.

In Chapter 2, laser absorption tomography (LAT) was utilized to assess mixing charac-

teristics of various shear coaxial rocket injector geometries. Methane and oxygen were used

as propellants and combusted in an atmospheric burner. Quantitative, spatially-resolved

distributions of temperature and carbon-monoxide mole fraction were compiled to produce

two-dimensional, spatially-resolved images of each flame’s thermochemical structure. Coaxial

mixing length scales were characterized and compared for three shear coaxial injectors with

varying oxidizer post recess. This technique also enabled a unique method of directly captur-

ing the stoichiometric mixing length. The enhanced mixing effects of a recessed oxidizer post

were evident in the most recessed injector, which showed a wider flame brush, shorter flame

length and increased radial diffusion of carbon monoxide and temperature – all indicative

of enhanced mixing. This work provides quantitative data on methane-oxygen combustion

which can be directly compared to numerical simulations of similar injector geometries and

associated flames. This experimental approach and diagnostic technique can be extended to

other flow conditions and used on a variety of coaxial injector geometries and for different

hydrocarbon-based fuels which can inform injector design for liquid rocket engines.

In Chapter 3, a monolithic shear tri-coaxial injection scheme, enabled by additive manu-
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facturing, was designed and fabricated to enhance propellant mixing. Mixing and combustion

characteristics of this tri-coaxial design were assessed experimentally from 1–69 bar by

employing the aforementioned LAT technique established in Ch. 2, in addition to OH*

chemiluminescence imaging. Methane and oxygen were used as propellants. At similar

pressures and oxidizer-to-fuel ratios, the tri-coaxial injector design was shown to enhance

mixing and combustion progress, reducing characteristic mixing length scales and achieving

improved combustion performance relative to more conventional bi-coaxial designs. Despite

enhanced mixing, the tri-coaxial design exhibits more limited reduction in flame standoff

distance from the injector face, suggesting that increased heat flux to the injector face can be

managed. The tri-coaxial injector highlights the potential to leverage additive manufacturing

to enhance performance and simplify the fabrication of liquid-propellant rocket engines.

In Chapter 4, the novel enhanced-mixing AM tri-coaxial design from Ch. 3 was exper-

imentally tested in a single-element high-pressure combustor to characterize combustion

instabilities. Here, both high-speed dynamic pressure measurements and high-speed OH*

chemiluminescence videography were captured to characterize combustion instabilities during

methane-oxygen hot-fire tests. Characteristic frequencies of combustion instability modes,

RMS pressure amplitudes corresponding with those characteristic frequencies, and coupling

between the heat release from combustion and pressure fluctuations were determined. Mea-

surements associated with the tri-coaxial injector design were compared to two traditional

shear bi-coaxial geometries with and without a recessed central oxidizer post over a range of

chamber pressures from 35–69 bar. The compiled findings from this chapter indicate that

the enhanced-mixing tri-coaxial injector design has a relative resistance to injection-coupled

instabilities over a range of flow conditions and may enable improved combustion performance

for next-generation liquid rocket engines.

In Chapter 5, a coupled computational and experimental study was conducted towards

minimizing hydraulic losses in impinging liquid rocket injectors via geometric optimization

enabled by additively-manufacturing. The increased surface roughness inherent to AM parts
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was also investigated. Computational fluid dynamics analyses were conducted to inform

injector design modifications using a canonical conventionally-manufactured impinging injector

as baseline reference. Select injector designs were down-selected for additive manufacturing,

followed by an experimental testing effort. Experimental injector discharge coefficients (CD)

were determined through a series of cold-flow testing for both the conventionally-manufactured

and additively-manufactured impinging injector designs. Results indicate that additively-

manufactured liquid injector orifices larger than D ≈ 0.020" have the potential to yield

hydraulic benefits (as-printed) despite high surface roughness associated with AM parts.

Notably, the hydraulic benefits of geometric optimization, or flow tapering, enabled by

AM, could be more fully realized after post-print polishing (honing) techniques, achieving

experimental CD’s ≈ 1. This work demonstrated that additive manufacturing can be leveraged

to minimize impinging liquid rocket injector hydraulic losses through a combination of

optimized flowpath tapering to mitigate inertial losses and post-print honing to mitigate

friction losses.

In Chapter 6, the additively-manufactured low forward pressure-drop impinging injectors

examined in Ch. 5 were modified with additional AM-enabled features that increased relative

back-flow resistance (diodicity). Steady, single-phase CFD analyses were conducted to assess

the hydraulic characteristics of fluidic diode features in a liquid bi-propellant impinging

doublet-type injector configuration. A design trade study was conducted that determined an

effective fluidic diode feature to be implemented within the injector elements, constrained

by practical considerations for additive manufacturing. Noteworthy increases in diodicity

are achieved within the constraints of producibility relative to conventional designs. A

complimentary transient, multiphase CFD model was then used to evaluate propellant

backflow behavior when subject to a high-pressure impulse within a downstream chamber.

Results suggest that the diodicity is a relevant predictor of transient back-flow recovery

performance as injector stiffness decreases.

In sum, the compiled results of this thesis demonstrate the promising potential to leverage
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the flexibility of additive manufacturing to design advanced injector geometries that improve

performance and reliability of liquid rocket engines.

7.1 Current and future research directions

7.1.1 Experimental investigation of the fluidic diode

A preliminary experimental study involved testing the fluidic diode analysis work covered in

Ch. 6. Recall that diodicity, our backflow resistance metric, is simply defined as C2
D,fwd/C

2
D,rev

for a given mass flow rate. Diodicity was predicted by running both forward-flow and

reverse-flow steady CFD analyses which determined CD,fwd and CD,rev, respectively. As such,

three fluidic diode designs (FD1, FD2, and FD3) were additively-manufactured with the

same printer, resolution, and material (ProtoLabs high-resolution stainless steel 17-4 PH) as

injectors S1 and S2 from Ch. 5. Each of the three diode injectors contained one 90◦-revolved

fluidic diode feature placed approximately 0.030" upstream of each orifice. FD1 and FD2

contained 50-thou (0.050") diodes, whereas FD3 contained 70-thou (0.070") diodes. This

length scale refers to the maximum radial dimension of the revolved diode profile, and can be

seen pictured in Fig. 6.2. FD1 and FD3 were originally manufactured with 0.0155" as-printed

orifices, which would later be chemically honed to final RMS orifice diameters of 0.0236" and

0.0235", respectively. On the other hand, FD2 contained 0.0230"-diameter as-printed orifices,

Figure 7.1: CAD cross-sections of: (left) AM tapered only impinging injector, (middle)
50-thou and (right) 70-thou 90◦-revolved fluidic diode implemented on AM tapered flowpath.
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and did not undergo any honing processes. Fig. 7.1 illustrates how the diode features were

implemented on the AM tapered flowpath. Steady, smooth-wall CFD analyses predicted

diodicities of 2-3 for these designs.

Similar to Ch. 5, select AM injector designs were cold-flow tested with liquid water,

which includes the three diode injectors, as well as AM tapered only injectors S1 and S2. As

previously seen in Fig. 5.16, the cold-flow housing assembly was capable of both forward and

reverse flow measurements, thereby enabling experimental measurements of CD,fwd, CD,rev,

and thus Di. Here, each injector was cold-flow tested in forward and reverse flow directions

after each manufacturing process step, starting with their as-printed configurations (denoted

with .AP). Next, each injector had approximately 0.005" of material removed from their

injection surface though a sanding operation on a lathe. This improved the surface finish of

each injection plane by polishing the stochastic surface features on the as-printed injection

plane. Orifice diameters were measured with 0.0005"-increment pin gauges before and after

sanding, with no change in diameter observed. A second iteration of cold-flow testing was

conducted on the sanded injectors (denoted with .S ) to investigate the influence of injection

plane surface finish on diodicity. Lastly, injectors S1, FD1, and FD3 were chemically honed

(denoted with .CH ), and then underwent a final iteration of cold-flow testing.

Fig. 7.2 shows preliminary cold-flow diodicity results for each of the 5 injectors throughout

different phases of manufacturing. Here, results are presented for a mass flow rate condition of

ṁ ≈ 3.7 g/s (per element). AM tapered only injectors S1.AP and S2.AP (in their as-printed

state) achieved a poor Di of 1.09 and 1.13, respectively. Upon sanding their injection surface,

each injector jumped roughly 20% in Di. The diodicities of the as-printed configurations of

diode injectors FD1.AP, FD2.AP, and FD3.AP did not vary much, with Di only ranging

between 1.15 and 1.33 despite containing different diode features and different orifice sizes.

This was a small improvement compared to the AM tapered only injectors and approximately

60% lower than CFD-predictions. A sanded injection plane similarly improved the net

diodicity of these three diode injectors, achieving diodicities of 1.41 to 1.50, an improvement
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Figure 7.2: Preliminary diodicity results from cold-flow testing various AM tapered only and
AM tapered with fluidic diodes. Results pertain to ṁ ≈ 3.7 g/s (per element).

over injectors S1.S and S2.S but still ∼50% lower than CFD predictions. Lower experimental

diodicity values are in part due to CD,fwd being over-predicted since the additional losses from

increased surface roughness were unaccounted for in the CFD models.

Notably, after injector S1 was chemically honed, thereby significantly improving its CD,fwd,

a diodicity of 1.70 was achieved by S1.CH despite not containing a fluidic diode. Such was not

the case for the honed fluidic diode injectors. Experimental diodicities for injectors FD1.CH

and FD3.CH were significantly reduced to Di = 1.10 and 0.91, respectively. It was discovered

that the honed diode injectors produced non-cylindrical liquid jets and contained severely

non-circular orifice exit profiles. Fig. 7.3 shows comparison images of orifice exit profiles and

the associated cold-flow jet behavior of two AM tapered reference injectors (no diode) and the
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Figure 7.3: Orifice exit profiles and their associated cold-flow jet behaviors shown for two
AM tapered only injectors (left), and the two honed fluidic diode injectors (right).

two honed diode injectors. The honed (S1.CH) and as-printed (S2.AP) flowpaths of the ’AM

tapered only’ injectors demonstrate nominal jet behavior with cylindrical jets and a common

impingement location. In contrast, the presence of the diode feature appears to have caused

non-uniform material removal throughout the orifice geometry. This ultimately reduced the

wetted flow area in the forward direction (reducing CD,fwd), while also creating a large orifice

entrance on the injection plane which increased CD,rev. A wire-EDM cross-section of injector

FD3.CH is shown in Fig. 7.4 to help visualize the diode injectors’ honed orifice geometry.

While orifice areas were likely underestimated as a result of the non-circularity of the orifices,

diodicity is independent of flow area and thus diodicity trends are still expected to be valid.

In this limited experimental study, an additively-manufactured fluidic diode injector design

achieved a maximum diodicity of approximately 1.50 – roughly 50% lower than smooth-wall

CFD predictions. Limiting issues included the AM surface roughness reducing CD,fwd, and
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Figure 7.4: Wire-EDM cross-section of honed fluidic diode injector FD3.CH with magnified
images of the orifice geometries shown.

a honing operation (intended to address the former issue) that adversely distorted orifice

geometry and flow characteristics. The purpose of a fluidic diode positioned on an impinging

injector flowpath is to induce additional inertial viscous losses in the reverse flow direction,

while having a negligible effect on forward flow. In theory, if injector geometries were

manufactured more closely to the ideal geometries simulated in CFD, higher experimental

diodicities should be possible. Future computational and experimental design studies may be

conducted to optimize the diode feature for additive manufacturing. Alternative methods

of improving orifice geometry surface finish without negatively influencing forward flow

characteristics may also be investigated. Notably, the honed "AM tapered only" injector

S1.CH achieved an experimental diodicity of 1.70 – a 13% improvement over the best diode

injector. This demonstrates the potential for impinging injectors with AM-enabled flowpath

tapering to achieve high backflow resistance without the added design or manufacturing

complexity associated with fluidic diode features. Additionally, the transient backflow

recovery behavior of AM tapered flowpaths with and without fluidic diode features should be

experimentally evaluated to provide more valuable insight into practical liquid rocket injector

operation with respect to chamber instabilities.

7.1.2 Advanced coaxial injection enabled by additive manufacturing

Additional coaxial injector design concepts with attributes that are known to enhance mixing,

but are complicated (or infeasible) to generate via traditional manufacturing present additional
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opportunities for future research. Fig. 7.5 shows a comparison of the traditional bi-coaxial

injection schemes on the left, with some preliminary design examples of alternative shear

coaxial schemes on the right enabled by additive manufactured, which includes the tri-coaxial

design. Pictured here, the petaled coaxial scheme represents an example of AM-enabled

design features that increase inter-propellant contact surface area (as demonstrated by the tri-

coaxial). For a given pair of total propellant outlet areas (fuel and oxidizer), petaled injector

outlet profiles aim to improve mixing by increasing the total contact surface area (which scales

directly with the shared perimeter between adjacent coaxial jets) while maintaining the same

amount of cross-sectional flow area on an injector face. Additionally, chevron nozzles include

triangular sawtooth-like serrations on the outlet edge of a coaxial nozzle as a modern means

of reducing turbofan engine noise by inducing vorticity in the shear layer and significantly

increasing rapid near-field mixing [4,19]. Similar mixing enhancements are expected to be

Figure 7.5: A comparison of a traditional shear bi-coaxial injector and various novel high
contact surface area and chevron shear coaxial injection schemes enabled by additive-manu-
facturing.
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observed on an additively-manufactured shear coaxial oxidizer post outlet with a chevron-like

pattern (seen pictured in Fig. 7.5). AM coaxial injectors with combinations of these design

features implemented may compound the enhanced-mixing effects.

7.1.3 Additional experimental evaluations of the tri-coaxial injector

Coaxial injection schemes are expected to play a role in next-generation methane-oxygen

launch vehicles that use staged combustion cycles. The work presented in Chapters 3

and 4 demonstrated the performance-enhancing potential of the AM tri-coaxial injector in

regards to propellant mixing and combustion stability, which may be utilized in such engines.

While these findings are promising, the associated experiments were only conducted with a

singular tri-coaxial injection element in a scaled-down single-element combustor. The relative

positioning of injection elements on a multi-element injector plate largely influences inter-

element mixing, injected mass-flux and heat release distributions and associated heat flux on

chamber walls. To understand how the tri-coaxial injection scheme would perform in these

larger-scale engines, multi-element injector studies with respect to combustion performance

and stability characteristics are required.

Chapter 4 provided valuable insight on linear (spontaneous), longitudinal combustion

instabilities for the tri-coaxial for discrete flow conditions and chamber pressures. In addition

to multi-element studies, combustion stability behaviors of the tri-coaxial injector must be

further characterized. The work on linear instabilities can be expanded upon in several ways.

Longer duration tests may be conducted with a continuous ramp-up and/or ramp-down of

mass flow rate (and chamber pressure) to simulate start-up and shut-down transients of

practical LRE operation and throttling. The tri-coaxial injector’s response to transverse

instability modes, which typically become more of a concern in combustors as chamber

diameter increases, should also be investigated. The dynamic stability of the tri-coaxial

injector must also be evaluated, which describes the recovery behavior of an engine system
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from common non-linear (induced, or triggered) combustion instabilities. An in-chamber

explosive or inert gas-pulse can serve as options for artificial instability triggers during

combustor operation.

7.1.4 AM injector designs for rotating detonation rocket engines

A rotating detonation rocket engine (RDRE) is a unique rocket engine architecture theorized

to generate higher specific impulse compared to conventional constant pressure liquid rocket

engines. RDREs operate by sustaining one or more circumferentially-propagating detonation

waves within an annular combustor yielding a pressure gain during combustion [82]. At the

time of this writing, RDREs have not yet been demonstrated to outperform their constant

pressure counterparts. This is commonly attributed to be in part a result of injection-related

issues such as propellant backflow and poor mixing [131]. A comprehensive review on the

design optimization of AM RDRE injectors was completed by Teasley et al at NASA MSFC

and can be found in Ref. [131]. A common practice to circumvent the issue of backflow

consists in increasing the injector stiffness to values that often exceed 100% [6,14,97,117,149],

which as previously mentioned, has a negative impact on overall vehicle performance. As

such, RDRE injectors have a particularly high-potential for advancement via high diodicity

injector design enabled by additively-manufacturing, which may finally enable the promising

performance enhancements of RDREs to be realized.
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